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ZUSAMMENFASSUNG
Karbideiche Werkzeugstähle werden nicht nur in der Werkzeugindustrie, sondern auch
für Maschinenelemente wie z.B. Lager, Dieselinjektoren und Verbindungselemente ein-
gesetzt. Bauteile aus diesen Materialien sind häufig zyklischer Beanspruchung ausge-
setzt. Ermüdung ist als wichtigste Versagensursache anzusehen, weil das Versagen unge-
fähr 90% aller metallischen Bauteile auf diese Fehlerursache zurückzuführen ist [1]. Werk-
zeugstähle sind ebenfalls empfindlich gegenüber schwingender Beanspruchung. Die
Ermüdungsfestigkeit dieser Werkstoffe hängt zudem empfindlich von den mikrostruktu-
rellen Eigenschaften wie der Form, dem Grössenverhältnis, dem Volumenanteil und der
Verteilung von primären und eutektischen Karbiden ab. Deshalb, werden neben dem
Lastkollektiv die mikrostrukturellen Eigenschaften als die wichtigsten Einflussfaktoren
auf die Lebensdauer von Werkzeugkomponenten angesehen.
Es ist bekannt, dass die Lebensdauervorhersage von Karbidreichen Werkzeugstählen
unter schwingender Beanspruchung keine einfache Aufgabe ist. Aus diesem Grund ist
es wichtig eine Wissensbasis über die Einflüsse der mikrostrukturellen Eigenschaften der
Werkstoffe auf das Versagensverhalten aufzubauen. Das Hauptziel dieser Arbeit besteht
darin schrittweise ein einfaches Modell sowie einen Rahmen zur numerischen Unter-
suchung der Einflüsse der mikrostrukturellen Eigenschaften auf die Langzeitfestigkeit
(HCF) zu erstellen.
Im Allgemeinen kann die Ausbreitung des Schwingbruchs in drei Stufen eingeteilt
werden: Die anfängliche Rissbildung (Rissinkubation), Kurz- und Langrisswachstum.
Diese drei Stufen des Risswachstums wurden von McDowell [2] erfolgreich in einem
so genannten mehrskaligen Versagensmodell (MSF) abgebildet. Um das Ermüdung-
sverhalten von Karbidreichen Werkzeugstählen zu modellieren, wurde das Modell von
McDowell modifiziert und weiterentwickelt, um drei Längenskalen in Betracht ziehen
zu können und ein mehrskaliges Ermüdungsmodell zu erhalten. Zur Darstellung der
anfänglichen Rissbildung und des frühen Wachstumsstadium, wurde ein hierarchischer
Ansatz angewandt und die Verweildauer in diesen Stadien durch ein Repräsentatives Vo-
lumen Element (RVE) unter Einbezug der lokalen zyklischen Mikroplastizität abgeschätzt.
Die Stufe des Kurzrisswachstums setzt sich aus dem mikrostrukturellen Kurzriss- (MSC)
und dem physikalischen Kurzrisswachstum (PSC) zusammen. Für das Kurzrisswach-
stum wurde die zyklische Verschiebung an der Öffnung an der Rissspitze (∆CTOD) als
die treibende Kraft identifiziert. Von dieser Beziehung ausgehend wurde die Auswirkun-
gen der mikrosturukturellen Ausprägung des Werkstoffs auf das zyklische Kurzrisswach-
stum explizit bestimmt. Zur Berechnung der Zeitdauer des Langzeitrisswachstums wurde
ein Schadensakkumulationskonzept implementiert. Unter der Annahme, dass die Aus-
breitungsrate des Langrisswachstums aus den Kennwerten zur Kurzeitfestigkeit (LCF)
abgeleitet werden kann, welche sich aus den Ergebnissen von zyklischen Zugversuchen
interpolieren lassen [3], konnten Zeitsparend die Parameter zur Lebensdauerberech-
nung bestimmt werden.
i
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Der wichtigste Beitrag dieser Studie besteht in der Simulation und Modellierung der
Einflüsse von Karbiden auf die Mechanismen der Ermüdungsrissausbreitung auf drei
unterschiedlichen Längenskalen. Das vorgeschlagene Modell wird als starkes Werkzeug
angesehen, um sowohl die Lebensdauer von Werkzeugstählen als auch von partikel-
verstärkten Kompositwerkstoffen und anderen heterogenen Materialien vorherzusagen.
Auf Basis des in der Studie vorgestellten Modells kann eine Optimierung der mikrostruk-
turellen Eigenschaften der o.g. Materialklassen durchgeführt werden. Die Optimierung
kann in einer Erhöhung der Betriebszeiten resultieren.
ABSTRACT
Title: Multi-scalemodel for fatigue in carbide-rich tool steel
Carbide-rich tool steel is most commonly used not in the tooling industry, but also in
engine parts, e.g. springs, bearings, diesel injections, connecting rods etc.. Components
made from this kind of material are often subjected to cyclic mechanical stresses. Fa-
tigue is important as it occupies the largest cause of failure in metal, approximately esti-
mated 90% of all metallic failures [1], tool steels are also susceptible to this type of failure.
Fatigue resistance of this material strongly depends on the microstructural features in-
cluding shapes, shape ratio, volume fractions, and distributions of primary and eutectic
carbides. Thus, besides loading condition microstructural features are considered as the
main factor which influences lifetime of tool components.
It is known that the lifetime prediction of carbide-rich tool steel in alternating ap-
plied stress is not an easy task to perform. Therefore, gaining knowledge about the ef-
fects of microstructural features on the fatigue behavior of this material is necessary.
Subsequently, the main objective of this research is to develop a simple model as well as
a computational framework to quantify the influence of these microstructural features
on the fatigue behavior of the material in the high cycle fatigue (HCF) regime.
In general, fatigue crack mechanisms can be divided into 3 stages: initial crack for-
mation (crack incubation or nucleation), short crack and long crack growth, which have
successfully been established by McDowell [2], in a so-called multistage fatigue model
(MSF). To model fatigue behavior of carbide rich tool steel, McDowell’s model was mod-
ified and developed at three length-scale levels, resulting in a multi-scale fatigue model.
For fatigue crack formation and early growth, a hierarchical approach was used, and
lifetime of this stage was estimated based on local cyclic micro plasticity within a rep-
resentative volume element (RVE). The short crack stage consists of microstructurally
short crack (MSC) and physically short crack (PSC) growth in which short crack driving
force was determined from the process zone at the crack tip, so-called cyclic crack tip
opening displacement (∆CTOD). From this relation, the effects of microstructural fea-
tures on the cyclic short crack growth were explicitly identified. For long crack growth,
an accumulated fatigue damage concept was implemented to calculate the lifetime of
this stage. Based on that relation, the long crack growth rate was easily derived from low
cycle fatigue (LCF) properties because it is believed that LCF test is easy to calibrate and
it may be interpolated from monotonic tensile test [3], which results in saving time and
cost for fatigue prediction.
The most important contributions of this study are to simulate and model the in-
fluence of carbides on three different length scales of fatigue crack mechanisms in tool
steels. The proposed model is considered as a powerful tool for lifetime prediction not
only in tool steels, but also in particle reinforced composites and other heterogeneous
iii
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materials. Moreover, optimization process on microstructural features can be done based
on the results of this study. Consequently, the in-service life of materials may be im-
proved.
Keywords: High Cycle Fatigue, Tool Steel, Fatigue Crack Incubation, Short Crack,
Long Crack, Multi-scale Fatigue Model.
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INTRODUCTION
1.1. BACKGROUND
1.1.1. TOOL STEEL MATERIAL
Tool steels are special steels used for machining and processing other materials in man-
ufacturing process such as drilling, cutting, blanking and stamping. They are also used
as structural materials in some engine components. Their applications are often sub-
jected by a combination of mechanical stresses and abrasive wear. Consequently, the
materials must have high wear resistance, high red hardness, good corrosion resistance
and high compressive strength, all of which are necessary to guarantee a long tool life
and adequate tool precision.
Recently, several studies have announced that it is possible to improve and control
the characteristic mechanical properties of tool steels including fatigue behavior, duc-
tility, toughness, and impact resistance. Among these properties, the fatigue behavior
is the most important factor due to the foreseen working condition, where alternating
stresses, strains, and heat fluxes occur. Due to increasing user demands, besides looking
for high wear resistance the development of tool steels is focused on the aspects related
to fatigue damage mechanisms. Often the knowledge of the mechanisms governing fa-
tigue damage and fatigue strength lets users and manufacturers control the fatigue re-
sistance and improve the life time of tool steels, which is the foundation for competing
in the tool steel industry.
Tool steels are technically considered as homogeneous material at macro scale. How-
ever, at micro/meso scale they could be paid attention as such regarding their mechan-
ical behavior because they consist of martensitic steel reinforced carbides and/or un-
intentionally non-metallic inclusions. Consequently, they are essentially particle rein-
forced metal matrix composites (MMCs) in a special aspect and may be handled with
1
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models that are used for MMCs. Actually, carbides are stiffer and harder than the marten-
sitic matrix, which lead to incompatible deformations between these particles and the
matrix upon loading of the structure, resulting in local plastic deformation even when
the remote loading is lower than the macroscopic yield point. This local plastic defor-
mation is the main factor which causes the structure failure during operation.
The primary and eutectic carbides are used to improve wear resistance. Their shape,
size, and volume fraction can be varied through variation of alloy contents, manufac-
turing process, and heat treatment. However, the presence of carbides along with or
without non-metallic inclusions also influences the mechanical properties of tool steel,
in particular the fatigue properties. The difference in the deformability between car-
bides or non-metallic inclusions and matrix induces stress localization at the interface
between carbides/inclusions and the matrix, which is the origin of fatigue failure [4]. For
that reason, controlling amount of carbides and non-metallic inclusions existing in tool
steels is a requirement in the manufacturing process of the materials.
Numerous researches have been conducted to quantify the effects of microstructural
features not only on mechanical properties but also on fatigue crack formation and total
lifespan. However, the obtained results do not suffice and need to be improved because
the interaction behavior of microstructures in tool steels is rather complex and not fully
characterized yet.
1.1.2. FAILURE TYPES OF TOOL STEELS
According to Randelious [5], the failure of tool steels can be divided into 5 types: wear,
chipping, plastic deformation, galling, and fatigue. All of these failure types are caused
by thermo-mechanical coupled loads occurring during service, but the main origin be-
ing dynamic-mechanically applied forces between tool steel and cutting material. Often
fatigue damage mechanisms are majorly involved.
Wear exhibits itself in either abrasive or adhesive wear. Dubar et al. [6], investigat-
ing wear related to cold-forging tools in cyclic loading, showed that wear already occurs
during the first number of cycles and is characterized by a reduction in surface rough-
ness; scratches and abrasion were predominantly observed after about 5000 cycles, and
then the scratches were deeper and the abrasive wear could be seen more clearly with
increasing number of cycles. It is well-known that large carbides in the material reduce
abrasive wear. Therefore, the best way to improve adhesive wear resistance of tool steels
is to increase the hardness, which reduces the friction coefficient between the tool and
the work piece.
Vinter [7] originally developed a chipping model in order to investigate crack mech-
anisms in AISI M3:2. The author stated that cracks initiate in a brittle cleaved carbide
embedded in the component near the surface; then chipping occurs when two or more
small cracks go together, which separate a very thin layer from the component surface.
Chipping can be arrested by increasing the ductility of tool steel, thereby increasing the
resistance to crack initiation in alternately applied loads [5].
Galling is a type of failure, which occurs as a result of micro-pieces united by friction
between two surfaces in contact. Hoegman [8] investigated the effects of friction on
coated punch tools. He found that coated punches might improve the performance in
tool steels; therefore, it can be concluded that to prevent galling, the friction between the
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tool and work piece should be reduced.
Naturally, the plastic deformation occurring in a structure induces fracture and fa-
tigue damage. In order to find the role of plastic deformation in fatigue failure of tool
steels, Nagao [9] used FEM model to simulate the stress states that occur in cold forging
during the forming operation. The author pointed out that the formation of a plastic
zone is responsible for the initiation of fatigue cracks. In this plastic zone, the crack path
follows the plane of maximum shear stress. Pedersen [10] also implemented an FE analy-
sis to investigate the effects of cyclic loading in cold forging tools in the low cycle fatigue
(LCF) regime. He concluded that the accumulation of the plastic strain causes fatigue
crack nucleation and propagation.
Fatigue failure often occurs in tool steels due to the working condition in alternatively
applied loads. Initially, cracks are formed in a large carbide or non-metallic inclusion
due to stress concentrations. Then the crack continuously propagates until total failure
of a component. Fatigue behavior is an important type of failure in tool steels. There-
fore, studying the fatigue crack mechanisms in the material is necessary to improve its
performance.
1.1.3. FATIGUE BEHAVIOR OF ALLOY SYSTEMS AND TOOL STEELS
Fatigue damage occurs when a structure is subjected to oscillating stress and strain lev-
els, even smaller than the static yield strength of the material. For metal alloys, fatigue
failure is one of the most important types of failure because it accounts for over 90% of
failure cases [1]. Therefore, understanding of fatigue behavior can therefore be a prereq-
uisite for safe engineering design.
Fatigue life prediction is an important key in engineering design for a structure or a
component under alternative loading. The major objective of this task is to estimate the
number of load cycles which a structure can bear. Regarding to fatigue concept the fa-
tigue life can be classified into low cycle fatigue (LCF), high cycle fatigue (HCF) and very
high cycle fatigue (VHCF). For LCF a number of cycles to failure are defined in a range
of 10 to 104. While a number of cycles to failure in HCF varies between 104 to 107, and
a number of cycles over 107 are in VHCF regime. Moreover, the classification of fatigue
behavior can be based on the mechanical loading. When the applied stress is relatively
high (macroscopic plastic strain occurs), which corresponds to LCF. In contrast with LCF,
in (V)HCF the applied stress is smaller than the static yield strength of the material. Since
only elastic deformation occurs in this case, the fatigue lifetime is relatively long.
A large amount of interest in the scientific community focus on HCF because it is
the main task for industrial design such as engine components, automobile and space
vehicles. This can be considered as the foundation of technological developments advo-
cating energy and material efficiency.
Based on the work of Rolfe [13], Umezawa et al.[14], Miller[15], McDowell et al.[2,
16, 17] and Bhat et al.[11], the stages of fatigue crack growth are simply divided into two
major regions as presented in Fig.1.1. In stage I-crack initiation, fatigue crack incubation
plus short crack growth is influenced by the microstructure, load ratio and environmen-
tal condition. In this stage crack growth could not appropriately be described by Paris’
law. Normally, the crack initiation period occupies most of the fatigue life of a com-
ponent (up to 98%) when an alternating load that is just above the fatigue limit [18];
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Figure 1.1: Stages of fatigue crack growth [11]
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Figure 1.2: Stress loading amplitudes vs. fatigue crack stages [11]
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Figure 1.3: Time spent in phases of crack growth for specimen of molybdenum alloy [12]
whereas, in stage II-long crack growth, micro-structural features have a small effect on
the crack growth rate, and Paris’ law is adapted to express fatigue behavior in this stage.
Bhat et al.[11] pointed out that when applying the load amplitude over the yield limit of
the material, there is no distinction of two stages in Fig.1.2. Consequently, under higher
value of load amplitude loading crack initiation stage essentially predicts the total life
time of the structure.
In general, the fracture and fatigue behavior of tool steel are similar to those of other
hard metals. Wilson and Taylor[12] investigated fatigue crack mechanisms of molybde-
num alloys in low stress levels and the authors divided crack propagation into 5 phases,
illustrated in Fig.1.3, including:
• (1) inactive, there are no cracks in the material,
• (2) nucleation, the crack is originally formed,
• (3) micro-crack growth, the crack length is less than 1mm,
• (4) macrocrack growth, the crack propagation follows the Paris’ law,
• (5) failure, the component fails, which occurs very quickly.
Crack 
nucleation
Micro crack 
growth
Final failureMacro crack growth
Initial period
Crack length < the scale of millimeters
(nucleation and short crack)
Crack growth period
Crack length > the scale of millimeters
(long crack)
Figure 1.4: Different stages of fatigue life [19]
Fig.1.3 shows that crack initiation, sum of crack nucleation and micro crack growth,
occupies a major part of total life of Mo-alloys; thus, for lifetime prediction, the fatigue
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crack initiation should be paid attention to and it can not be ignored in engineering
fatigue design.
Fatigue failure mechanisms of metal alloys commonly consist of 4 stages as described
from Fig.1.1 to Fig.1.3 which is clearly explained in Fig.1.4 by Suresh [20] and Schijve [19].
It starts with fatigue crack nucleation due to a stress concentration at deleterious defects
(.e. pores, inclusions/particles) in the material. One characteristic of fatigue crack in
this stage is that it grows with low velocity under a quite low stress intensity factor; be-
sides, crack growth rate strongly depends on the microstructural features of the material,
the load ratio as well as the working environment. This stage is often called small/short
crack growth, then the crack grows at a stable velocity in which Paris’ law often satis-
fies, so-called long crack growth. At this stage, the crack growth rate depends on the
applied stress and the crack length; when the crack length approaches its critical value,
final failure occurs where the fatigue crack propagates in an unstable manner. McDow-
ell et al. [2] originally developed a model based on the fatigue crack mechanisms above,
called ’Multistage Fatigue Model-(MSF)’. According to this model, fatigue life can be di-
vided into two major parts: crack initiation and crack propagation. The crack initiation,
in turn, is decomposed into crack formation/incubation, microstructurally short crack
growth (MSC) and physically short crack growth (PSC), and the rest part is crack propa-
gation stage. Since in the final stage the crack growth rate is very fast, the total lifetime
(NT ) is usually assumed to be sum of the life time of fatigue nucleation or incubation
(Ni nc ), short crack (Nsc ) and long crack growth (Nl c ), respectively.
The crack initiation life, sum of fatigue crack formation and short crack growth, plays
an important role in the total life of a structure in both HCF and LCF. For HCF, the crack
initiation is affected by surface conditions of the material such as surface roughness, sur-
face damage, surface treatment, and surface residual stress. Whereas, in low cycle due to
large cyclic plastic deformation on the surface of a component, initial residual stress is
eliminated. Consequently, most of the small defects only have a little effect on the crack
initiation in PM tool steels. According to Suresh [20], crack initiation occupies up to 90%
of the total lifetime in HCF. Wang et al. [18, 21] also reported that the portions of life of
Titan alloy (Ti-6Al-4V) attributed to crack initiation (Ni nc+Nsc ) between 105 and 107 cy-
cles are 90−99%. For PM tool steel, Gruber et al. [22] gave the same conclusion that crack
initiation in PM tool steel approximately occupies 90% of the total lifetime. Although ini-
tiation life contributes a major part in total life of of a structure/component, there has
not been a good method for estimation of this stage. In practice, crack initiation is then
followed by the crack growth stage which is referred to as stable crack growth, within this
stage Paris’ law is generally used. The relationship between the crack growth rate d a/d N
and the stress intensity factor ∆K is expressed in Eq.(1.1)
d a
d N
=Cp · (∆K )mp (1.1)
where Cp and mp are material constants which are determined from fatigue experi-
ments.
The prediction of long crack growth life based on Paris’ law (crack growth rate d a/d N
vs. stress intensity factor∆K ), which relies on the linear elastic fracture mechanics (LEFM)
concept, shows good agreement with experimental data. In order to simplify the law for
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liftime prediction of fatigue crack initiation, several researchers, for examples, [23–28]
introduce a crack-initiating particle or inclusion concept for the prediction of fatigue
crack initiation life by combining initial crack size based on LEFM model which takes
into account the threshold effect and load ratios (so-called closure effect). The fatigue
threshold is actually very important because most of the fatigue life plainly shows close
to the threshold regime where crack growth rates are low. The threshold stress inten-
sity factor ∆Kth is a function of material’s yield strength, microstructural features, and
the stress ratio [29] and governs short crack growth. Application of LEFM based on the
threshold effect for short crack growth is a complex and challenging procedure but sub-
stantial improvements of the fatigue crack growth resistance near the fatigue threshold
can be gained when it is used well.
Recently, microstructure-level modeling has provided basic knowledge about the
limits of the LEFM approach for short crack growth. The cyclic crack tip opening dis-
placement (∆C T OD) could be a sufficient solution to describe short crack growth even
in the range of 10-500µm [2, 30–33]. The crack tip opening displacement has success-
fully formed the relationship between elasto-plastic fracture and crack growth for the
short crack stage. The advantage of the implication of ∆C T OD to short crack growth
is that it takes into account the effects of real microstructural configurations on short
crack growth. Furthermore, it can be considered as a powerful tool for the estimation
in quantity of the fatigue resistance of microstructures in cyclic loading. Such a model
in which micro-structural features control a driving force for both crack initiation and
propagation has representatively been introduced by McDowell et al.[2].
Carbide-rich tool steel in general or high speed steel (HSS) in particular has a high
volume fraction of primary and eutectic carbides (up to 30%) embedded in martensitic
steel. These kinds of tool steels exhibit good mechanical properties including high hard-
ness and strength at elevated temperature and high wear resistance. These mechanical
properties of HSS strongly depend on the chemical composition, volume fraction, as
well as the distribution of primary and eutectic carbides.
The effect of primary and eutectic carbides (sometimes only called carbides) on the
mechanical properties, fracture toughness, and fatigue behaviors of HSS was studied by
numerous scientists, including Antretter et al.[34], Mishnaevsky et al.[35], Berns et al.
[36], Berns et al.[37], Fukaura et al.[38], Broeckmann et al.[37, 39–43], Meurling [44], Pi-
cas et al. [45] and Sohar[46]. However, so far there has not been a simple method for
evaluating the influence of microstructural features of primary carbides such as shape,
shape ratio, volume fraction and distribution of primary carbides on the fatigue behavior
of tool steels. Therefore, the need exists for a simple model to predict the fatigue behav-
ior of carbide-rich tool steels in HCF, in which the effects of microstructural features of
carbides on multiple-scales of fatigue crack evolution are considered. For that reason,
developing and modifying McDowell’s model for investigating fatigue behavior of HSS
with respect to its microstructures is the main task of this thesis. The knowledge gained
through this study might help to reduce time and efforts as well as save cost for the eval-
uation of fatigue life. In addition, this study could aid in the design of microstructures to
improve fatigue resistance and enlarging the operational lifetime of components.
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1.2. OBJECTIVES OF THE RESEARCH
The aim of the present study is to investigate the effects of microstructural features and
load ratios on the fatigue behavior of carbide-rich tool steel in the HCF regime. The
thesis is entitled: ’Multi-scale model for fatigue of carbide-rich tool steel’, and includes 3
key objectives:
• Analyze of fatigue and fracture mechanisms in tool steels. A systematic study for
investigating the role of coarse carbides (primary and eutectic carbides) in fatigue
crack mechanisms of HSS is carried out. Frameworks are introduced to estimate
the impact of carbides on fatigue initiation and propagation life.
• Determine the fatigue driving force (a decisive parameter) corresponding to each
stage of the fatigue crack mechanism. The relationship between fatigue crack driv-
ing force and microstructural features is expressed.
• Based on the relationship between the driving force and microstructural features,
the lifetime of each stage in fatigue crack mechanisms is determined. In turn the
total life is sum of all stage life.
In order to fulfill the goals, the following steps were taken:
• A comprehensive review of available literature is conducted. State-of-the-art mod-
els of fracture and fatigue mechanisms of tool steels are examined and a research
path is planned.
• The FEA process for calculating fatigue crack incubation (nucleation and early
growth) is demonstrated.
• A simple model for predicting short crack growth is developed, which incorporates
microstructural features and load ratio.
• A simple model for estimating long crack growth based on low cycle fatigue prop-
erties, microstructural features and load ratio is introduced.
• Lifetime prediction based on the multi-scale fatigue model is quantified.
• The proposed model is validated with fatigue data from collected literature.
1.3. THE THESIS OUTLINE
A brief summary of each chapter is presented in the following section
1.3.1. RELATED WORK
In literature review, the state-of-the-art research that has been published in the field
of fracture and fatigue mechanisms of tool steels is summarized. A multi-stage fatigue
(MSF) model is introduced and several advantages and disadvantages are analyzed, pro-
viding a solid basis for this thesis.
1.3. THE THESIS OUTLINE
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1.3.2. METHODS
Microstructural features of cast and forged AISI M3 class 2 tool steel, a type of carbide-
rich tool steel, are presented. A representative volume element (RVE) is generated in
order to simulate fatigue crack incubation of HSS. A fatigue damage model for particle
reinforced metal matrix composites (MMCs) together with a shear lag model is estab-
lished, which can be considered as the foundation for the determination of the driving
force behind short crack growth. A accumulated fatigue damage model based on the
LEFM concept is also introduced, which is used for estimation of the long crack life.
1.3.3. MULTI-SCALE MODEL FOR FATIGUE LIFE OF CARBIDE-RICH TOOL
STEEL
This chapter presents detailed computational frameworks of the modification of the
multistage fatigue model applied to HSS. Relying on microstructural-based fatigue model,
a simple model is established for fatigue life prediction of HSS. Using these approaches,
the effects of microstructural features and load ratio on different length-scale levels of
fatigue mechanisms are taken into account.
1.3.4. RESULTS AND DISCUSSIONS
In this chapter, 2D RVE models of cast and forged M3:2 tool steel are generated for the
numerical prediction of fatigue crack incubation. The effects of microstructural features
and load ratios on fatigue crack incubation are analyzed. Additionally, models for short
crack growth and long crack growth, which are dependent on microstructural features,
LCF properties, and load ratios are presented. Then the results of the proposed model
are verified using data which are obtained from literature.
1.3.5. CONCLUSIONS AND FUTURE WORK
The main conclusions of the thesis are summarized here, in which some interesting
questions, such as the relationship between microstructural features of carbides and
load ratio that effect the fatigue behavior of HSS have been answered. Nonetheless,
many more topics and studies need to be conducted to provide a full overview of the
complex phenomena governing fatigue mechanisms and many issues remain unsolved,
providing some interesting topics for future research.

2
RELATED WORK
2.1. FRACTURE AND FATIGUE MECHANISMS OF TOOL STEELS
2.1.1. MICROSTRUCTURE AND FRACTURE OF TOOL STEELS
From a macroscopic point of view, it is clearly recognized that every material contains
a certain amount flaws. These flaws behave as nucleation sites, which induce fatigue
crack initiation during working service.
Tool steels also contain many defects, but not limited to pores, primary and eutectic
carbides, and non-metallic inclusions. Amongst those defects, primary and eutectic car-
bides play an important role in the fracture sites of tool steels. The size, shape, distribu-
tion, and mechanical behavior of carbides vary and depend on the used manufacturing
process and other heat treatment parameters. The relationship between microstruc-
ture and fracture behavior in tool steel has been considered by the scientific community.
Most of the studies have been carried out to characterize the stress field in the metal-
lic matrix and to find the reason for crack formation/nucleation and then propagation.
Several authors among them including:
Horton and Child [47] provided that the most important factor that effects the frac-
ture toughness of tool steels was the plasticity of the metallic matrix. In order to increase
the fracture toughness of tool steels, the quantity of alloying elements in the marten-
site should be controlled by means of the austenitizing conditions, chemical compo-
nents, carbide distribution and volume fraction of carbides. Furthermore, Picas et al.[45]
pointed out that volume fraction and size of carbides control carbide spacing which, in
turn, determines the size of plastic zone (matrix ligaments) in the matrix phase. Com-
paring fracture toughness in ingot metallurgy (cast and wrought) tool steels and pow-
der metallurgy steels (PM), the authors showed that PM has a high volume fraction of
carbide, and a smaller mean carbide size. Therefore, the mean free path of carbides in
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powder metallurgy steels is less than that in ingot metallurgy tool steels, which induces a
minimum amount of plastic deformation of the matrix in PM produced components. As
a result, carbides in PM is more difficult to cleavage than in ingot metallurgy tool steels,
leading to a high fatigue resistance of PM grades.
In order to find influence of carbides and matrix phase on micro-crack initiation and
propagation of tool steels, Berns et al. [48] used FEM analysis for brittle-ductile dam-
age model in high speed tool steel ASP30 in which the mechanical behavior of a metallic
matrix, carbides and their interface were considered. For the carbide phase, carbides
was assumed to be broken when normal stress within carbides reaches their fracture
strength. For the metallic matrix, void growth was established by the damage parameter
which is expressed as a function of plastic strain in the martensite matrix. The connec-
tion between carbides and the matrix was based on the tensile and shear failure model.
Through the simulation results, the damage evolution in the tool steel was described as
follows: a single carbide is initially damaged by cleavage, which caused redistribution of
stress in the area around the carbide. Due to the plastic deformation in the matrix, bands
of the plastic deformation concentrate and micro-cracks are linked along these plastic
bands, which was the initiation of the matrix damage continually followed by damage
propagation. In short, the authors stated that micro-crack initiation in tool steel was
due to cleavage fracture of carbides, then followed by matrix rupture and micro-crack
coalescence.
Rammerstorfer et al. [49] developed a hierarchical model to describe different struc-
tures in high speed tool steel at a meso-scale. In their model, the microstructures of high
speed tool steel consist of brittle elastic particles embedded in an elasto-plastic steel ma-
trix. The layered and clustered carbides were employed for describing carbide network
distributions. The results showed that the matrix with rich layer carbide provides smaller
plastic deformation and higher failure resistance than poorly layered matrix.
Naturally shapes, sizes, volume fraction, and distributions of carbides/inclusions in-
duce plastic redistribution in the matrix. How these features, in turn, affect the life time
of tool steels is a question which has been raised by the scientific community. Among
them Antretter [50], for example, examined the influence of orientation, distribution,
and interaction of carbides on rupture-fracture in high speed tool steel. The author
stated that for the case of unit cell with one carbide, when the major axis of elliptical car-
bide was parallel to the direction of applied load, the maximum stress was in the center
of the carbide. That means carbide tends to be damaged if the stress inside the carbide
is greater than its strength; while, in biaxial tension the highest stress concentration at
the tips of the elliptical carbide, the de-bonding between matrix and carbide was easy to
occur. For the interaction of two carbides in the unit cell, the shapes and position of the
2nd carbide controlled the stress distribution along the contour of the 1st carbide. In the
case of purely mechanical loading, rupture of the matrix between the two carbides might
be a consequence of carbide failure. The author concluded that the material was failed
due to carbide failure since generally stress level in the carbide was higher compared to
those in the matrix; besides, the stress field around carbide was mainly controlled by car-
bide geometry and carbide cluster. For that reason, another research was continuously
performed by [34]. In this study, Antretter et al. used Weibull statistical approach to in-
vestigate the effects of carbide sizes, their shape and orientation distributions on initial
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damage of tool steels. The authors found that a large carbide size is damaged more eas-
ily due to a higher flaw tenacity than small one because they have a higher flaw tenacity.
Furthermore, a carbide with a rough and vertex shape was easier to be broken than the
one with a smooth shape, which was attributed to an inhomogeneous distribution of the
stress field around the particle, i.e. the presence of stress concentration in the matrix.
Several studies pubished by Mishnaevsky [35, 51–54] investigated fracture mecha-
nisms in terms of sizes, distributions and volume fraction of carbides in cast and forged
M2 and M3:2 tool steels. The simulation results showed that volume fraction and distri-
bution of primary carbides play important roles in crack initiations, crack deviations as
well as fracture resistance in tool steel grades. The authors suggested that an increase in
fracture toughness of tool steels should be obtained by changing layers or the arrange-
ment of microstructural features, for examples fine size and coarse mean free path of
carbides/inclusions.
Consequently, the plastic behavior of the matrix also plays an important role in the
fracture toughness of tool steels. Damage initiates when a void is formed due to car-
bide cracking or de-cohesion of carbide and matrix in the plastic zone, after which void
linking takes place as a result of deformation of the metallic matrix.
2.1.2. MICROSTRUCTURE AND FATIGUE DAMAGE IN TOOL STEELS
At a micro-scale, tool steel can be considered as being a two phase composite material.
The hard phase may consist of primary or eutectic carbides or non-metallic inclusions
which depends on the manufacturing process. The matrix phase is martensitic steel
that may be plastically deformed, whereas carbides and non-metallic inclusions are only
elastically deformed. Fracture mechanisms regarding to microstructural effects in tool
steels are generally described by Randelious [5] as follows: when tool steel is subjected
to a load, the carbides/inclusions embedded in the matrix act as agents of stress concen-
tration. There are two cases resulting from this, being either that the carbides/inclusions
absorb the strain energy or that they are being ignored. In the case of the latter the
strain in the matrix takes place in the area which is closest to a carbide/inclusion, caus-
ing nucleation of voids. These voids grow with increasing applied load and they join
other voids originating from other carbides, forming a longer crack. For the first case
(i.e., incorporatedness of the strain energy), carbides/inclusions may be cracked when
maximum stress within the carbide approaches the carbide strength (called pre-crack),
after which the crack grows into the matrix which is the area nearest to the cracked car-
bide/inclusion. In both cases, the presence of carbides/inclusions have pronounced the
effects on the matrix phase. The volume fraction, closest neighbor distance, size, and
distribution of carbides/inclusions will strongly influence the toughness. Normally, the
carbide volume fraction is high, which reduces the toughness. Consequently, carbides
or non-metallic inclusions play a vital role in the fatigue strength of tool steel. Their
size, volume fraction and distribution strongly affect fatigue crack initiation and prop-
agation. Understanding their effect on fatigue mechanisms is necessary to improve the
fatigue strength and enhance the life time of service of tools or components from this
kind of material. There have been many studies on fatigue behavior of high speed and
cold work tool steels including those of Berns et al.[36, 37, 55, 56], Shiozawa et al. [57–
61], Fukaura et al. [38], Broeckmann et al.[40, 43], Lu et al. [62], Meurling et al. [44], Yao
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et al. [63–66], Sohar et al. [46, 67–69] and Picas et al. [45, 70]. All of the authors seem to
be in an agreement that fractured carbides or inclusions or de-bonding at a particle and
the metallic matrix interface initiate fatigue crack, followed by the crack propagation and
leading to structural failure.
Berns et al. [55] was one of the first to study fatigue failure mechanisms in tool steels.
In order to investigate fatigue crack nucleation in AISI D2 type of tool steel, the authors
used rotating bending and compact tension tests for fatigue experimental work. They
found that fatigue cracks initiated at the edge of primary carbides in changing of tem-
peratures from room temperature up to 200oC . In another research, Berns et al. [36]
compared powder metallurgy and conventional metallurgy of high speed tool steels in
HCF. The results show that in sintered PM tool steels, cracks started at pores, whereas
after hot-working cracks originated at non-metallic inclusions in the subsurface (i.e. in-
ternal regions). In conventional cast and wrought tool steels, these authors investigated
that the primary carbides were found on the surface layer initiated fatigue cracks after
the 1st cycle. The authors also observed that micro-cracks connect between neighbor-
ing carbides and the crack predominantly propagated through the matrix after 20-30%
of the total lifetime. That means fatigue crack formation might be occupies 20-30% of
the total lifetime.
Shiozawa et al.[57–61] and Lu et al. [62] studied the fatigue behavior of high carbon-
chromium bearing steel (JIS SUJ2) and high speed tool steel (JIS SKH5); the authors
found that in high applied stress levels (LCF) fatigue crack initiation occurred in slip
bands on the specimen surface within areas bounded to non-metallic inclusion, and
the fatigue crack occurred at an inclusion was due to the stress concentration. Whereas,
in case of low applied stress levels (VHCF) the fatigue crack initiated from the interior of
a specimen and formed a so-called fish-eye with a non-metallic inclusion at the center.
The crack formation was in a rough granular-bright-faced (GBF) area which was inside
the fish-eye. During the fatigue life, multiple micro-cracks originated inside the GBF
area, formed by de-cohesion of carbides from the matrix near a non-metallic inclusion;
then, micro-cracks would grow and coalesce with each other during fatigue cycles. The
cracks would propagate predominantly in the matrix and create the smooth surface out
side the GBF.
Fukaura et al. [38], examining JIS-SKD 11 (AISI D2) in HCF, found that one or more
primary carbides acted as nucleation sites for fatigue cracks. The initiation locations
were found on the surface or in the interior of the specimens depending on the loading
amplitude level. In case of high stress (LCF), fatigue cracks initiated from carbides at
the surface, whereas, for low stress (HCF) crack initiated near the surface at the primary
carbides. For VHCF regime, the authors investigated that the fracture of the structure
only occurred after the development of the fish-eye, which was in good agreement with
those found by Shiozawa. Consequently, the fracture initiation was an internal fish-eye
containing a fractured carbide in case of low applied stress amplitude (≤ 1100 MPa).
Broeckmann et al. [43] investigated the fatigue behavior of PM, cast and hot rolled
grade of carbon-rich tool steels with the influence of microstructural features; some im-
portant remarks from this research are summarized as follows:
• The fatigue resistance depends on the distribution of primary carbides such as
net-like, as band-like, and fine homogeneous, and PM tool steel has a higher fa-
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tigue resistance compared to cast and hot rolled grades.
• Cracks in PM grade always start at non-metallic inclusions. This typical failure is
due to de-cohesion of the inclusions with the matrix. The lifetime of PM tool steel
is controlled through the volume fraction and the size of non-metallic inclusions.
• In ingot tool steels, cracks initiate from broken primary carbides on or near the
surface of a component, leading to the conclusion that the fatigue life of cast and
hot rolled tool steels is determined by the size and the volume fraction of single
carbides or carbide clusters. Analogously, the fatigue resistance of cast and hot
rolled grades is controlled by primary carbides.
• Comparing the lifetime of two cast grades, the authors found that increasing vol-
ume fraction of primary carbides with reducing fatigue resistance.
• The biggest part tool steel life spends in the short crack stage. The mechanical
properties of the matrix control fatigue resistance of tool steel in which increasing
its hardness reduces the fatigue resistance of small crack growth, which shortens
the fatigue life.
• To improve the fatigue life of cast and hot rolled materials, the size of primary and
eutectic carbides should be minimized.
• In summary, this study can be considered as a complete description on fatigue
mechanisms in tool steel grades at that time; the results provide good knowledge
on the effect of microstructural features on fatigue life of tool steel grades. How-
ever, it is understood that the estimation of these effects in quantity should be
dealt with further studies.
Meurling et al. [71] originally proposed a combination of linear elastic fracture me-
chanics and statistical method to take into account the effect of size and volume fraction
of carbide/inclusion on fatigue properties of tool steels; this model was then developed
by Melander et al.[72], which demonstrated carbide/inclusion cluster influences fatigue
strength as well as fatigue crack nucleation of tool steels. Actually, the authors intro-
duced the procedure to the implementation of this model, but it has still been too diffi-
cult to use this model for tool life prediction.
Park [73], examining the effects of the volume fraction of un-dissolved cementite on
the HCF properties of high carbon steel, stated that fatigue cracks initiated in most cases
at large non-metallic inclusions, but no crack was observed at the site of un-dissolved
cementite. The authors concluded that the volume fraction of un-dissolved cementite
does not influence the fatigue properties directly, but it has an indirect effect through
strengthening of the matrix.
Sohar et al. [67–69], investigating fatigue behavior of cold work tool steel by fracture
graphs in VHCF, highlighted that in HCF fatigue crack initiation at the surfaces of fatigue
specimens of high strength steels, for examples bearing and spring steels; surface crack
initiation takes place at machining flaws (defects) or non-metallic inclusions located at
the surface. Over 106−107 cycles, cracks tend to originate in the interior of specimens,
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forming a so-called fish-eye at the fracture surface. Most kinds of non-metallic inclu-
sions such as Al2O3, TiN, SiO2, MgO, CaO or sulfides were observed in the center of the
fish-eye, which originate micro-crack nucleation. After that Sohar [46] published fulfill-
ment results on fatigue behavior of tool steels in VHCF; some remarks from this publica-
tion are outlined as follows:
• For tool steels produced by conventional ingot metallurgy, the primary carbides
and carbide clusters governed fatigue crack nucleation. Broken carbides become
more popular than de-cohering. Consequently, broken carbides are considered as
initial defects. The same phenomenon retains for wrought high speed tool steels
in which fatigue failure occurred predominantly from primary carbides or carbide
clusters. However, in some cases crack initiation originates from non-metallic in-
clusions (slag impurities).
• The PM grade predominantly shows fatigue failure from non-metallic inclusions.
That means inclusions are broken out during cyclic loading.
• The PM grades possess long lifetime compared to the ingot metallurgical tool steels
because it contains fine primary carbides, which improve the fatigue endurance
strength. The fatigue strength of PM tool steels is nearly twice that of conventional
cast and wrought tool steels. Although fatigue crack initiates from non-metallic
inclusions, primary carbides still play an important role in improving fatigue life
of PM tool steel grade.
• In short, Sohar clearly explained fatigue crack mechanisms of two main types of
tool steel grades including conventional ingot metallurgy and PM grade in de-
tail; however, a mathematical model which shows the relationship between mi-
crostructures and fatigue behavior has not been established.
Yao [63–66], studying fatigue behavior of a high V-alloyed PM cold-working tool steel
(AISI 11) in the HCF regime, found that when subjected to a HCF test, inclusions such as
Al2O3, TiN, Aluminum Silicate and Sulfides are more commonly observed in fish-eyes.
These inclusions always play a role as fatigue micro-crack nucleation sites. In these stud-
ies, the fatigue life of such tool steels is found to be dependent on the inclusion size and
the crack propagating length.
Picas et al.[45], investigating microstructural effects on fatigue behavior in cold work
tool steel, concluded that in monotonic load crack nucleated at the primary carbides
when the applied stress inside a carbide σcar bi demax is higher than its fracture strength
σcar bi def (i.e., σ
car bi de
max > σcar bi def ). In cyclic loading, broken carbides were still found
at the primary carbides and, but there is no carbide matrix de-cohesion; however un-
der cyclic loading, carbides are broken at lower applied stress than the carbide frac-
ture strength (σcar bi demax < σcar bi def ). The reason is that the strain localization induced
by broken carbides drives fatigue crack propagation. Picas’ latest study [70] investigated
the influence of the microstructures on fracture and fatigue micromechanisms in four
types of tool steels including ingot metallurgy high chromium tool steel-DIN 1.2379 (AISI
D2), low chromium tool steel-K360 and cold work tool steel-UNIVERSAL and powder
metallurgy-hot work tool steels (HWS). The author highlighted that there are 3 stages
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indented in fatigue crack mechanisms in tool steels including nucleation/incubation,
short crack growth and long crack growth. The fatigue failure process in tool steels are in
detail explained as follows:
• Regarding ingot metallurgy, in DIN 1.2379 tool steel crack nucleation is due to the
primary carbides being broken during the first cycle, and crack propagation ini-
tiates from this cleavage carbide. The nucleation stage is very short compared to
the propagation stage; whereas, in UNIVERSAL tool steel some of the carbides are
broken, even when the stress within carbides σcar bi demax is smaller than their frac-
ture strength σcar bi def . This phenomenon is explained by primary carbides act as
stress concentration, and thus they induce the strain localization around carbides.
When the strain in the matrix around the carbides is higher than the ultimate strain
of the carbide, the carbide is broken by the strain criterion.
• For HWS tool steel (PM tool steel), the sizes of non-metallic inclusions are often
larger than those of carbides, which induces more strain energy in the matrix in
the existing around non-metallic inclusions, causing deformation of the matrix.
Consequently, crack nucleation took place in the matrix around the inclusions due
to increasing deformation of the matrix phase.
• In VHCF, crack nucleation occupies the majority of the total fatigue life in both
the HWS specimen and K360 and D2 tool steels. However, crack nucleation origi-
nates in the interior (fish-eye bounded a broken inclusion) in the HWS specimen;
whereas, in K360 and D2 tool steels crack nucleates from primary carbides at the
surface.
• Some conclusions are given from this research as follows:
– Original cracks are observed both at non-metallic inclusions and at primary
carbide or carbide clusters. The nucleation of fatigue cracks can exist inter-
nally or on the surface layer of a structure/component, which depends on
the applied load amplitude. Furthermore, short crack (initial crack coales-
cence) is formed from these original cleavages in carbides/inclusions due to
localized strain.
– For cast and forged tool steels, crack nucleates from a large primary car-
bide on or near the surface of the structure/component. When the applied
load increases, the crack initiates from the broken carbide and propagates
through the matrix phase. In these materials, short cracks dominate the main
part of the fatigue life.
– For PM tool steel, a non-metallic inclusion dimension is larger than the pri-
mary carbide; therefore, the inclusion plays a critical role in fatigue crack
nucleation. In fact, the inclusion always receive higher values of the applied
load compared to the matrix phase, which induces crack formation within
the inclusion or de-bonded with the metal matrix. In PM tool steel, the crack
nucleation plays a major part of fatigue initiation life since the microstruc-
tural resistance to fatigue crack incubation is very high; however, when the
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crack has successfully initiated, the short crack grows very fast. Short crack
growth in PM grade depends on load amplitude, size, and distribution of the
inclusion.
• In short, Picas completely and clearly described the fatigue crack mechanisms in
tool steel grades, from nucleation stage to final failure. The role of carbides or
inclusions in fatigue crack mechanisms were pointed out. The fatigue crack resis-
tance for stable crack growth, called R-curve, was found; however, the relationship
between microstructural features and fatigue crack initiation (i.e. crack nucleation
plus short crack growth) has still not been developed, and this gap raises a ques-
tion needed to be answered.
Recently, there are a lot of processes for improving the fatigue properties of tool steels
such as metallurgy methods, surface finish and heat treatment. Particularly, electroslag
remelting is an advanced technique used in the production of ingot metallurgy (cast and
forged) tool steel, which decreases the amount of slag impurities [71]. However, predom-
inant carbides and carbide clusters formed during the solidification process, in turn, in-
duce fatigue cracks originating in carbides. In order to deal with this problem, powder
metallurgy (PM) tool steels is used to produce a tool steel component which contains
fine and smaller carbides. However, in PM tool steels the appearance of non-metallic
impurities play a critical role in fatigue crack nucleation. In order to improve PM prod-
ucts, gas atomized powder consolidated by hot isostatic pressing (HIP) is used, which
causes the amount of non-metallic inclusion to be reduced [46]. In short, in tool steel
grades primary and eutectic carbides might be considered as the main microstructural
features, which control fatigue resistance as well as fatigue strength of these materials.
Consequently, the effects of carbides on fatigue crack mechanisms are focused in this
thesis.
In practice, tools are often produced by PM; however, the aim of this research only
pays attention to the effects of microstructural features of primary and eutectic carbides
on the fatigue behavior of ingot metallurgy (cast and forged) tool steels. Therefore, cast
and forged M3:2 tool steels are chosen for fulfilling this objective.
2.2. TOOL LIFE PREDICTION
Nowadays fatigue life prediction is a prerequisite since many structures are subjected to
alternating loads. In the following sections an overview of the lifetime prediction meth-
ods have been used for tool steels, regarding to microstructural effects.
2.2.1. LIFE TIME PREDICTION BASED ON LEFM
LIFE TIME PREDICTION BASED GENERALIZED PARIS’ LAW
Fatigue life prediction based on linear elastic fracture mechanics (LEFM) has been used
around for the last few decades. This method ignores the fatigue nucleation that pre-
cedes the propagation stage. That means if crack initiation ao is assumed existing in
a structure, the lifetime of the structure can be determined based on an integration of
Paris’ law in Eq.(1.1), for which:
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∆K = Y ·∆σ ·pa (2.1)
where a is crack length,∆σ is stress amplitude and Y is the geometrical correction factor.
Under the assumption that Y is a constant (it does not depend on the crack length
a), the lifetime can be expressed as:
d a
d N
=Cp · (∆K )mp =Cp ·Y mp ·∆σmp ·amp /2 (2.2)
resulting in:
N =
a f∫
ao
d a
Cp ·Y mp ·∆σmp ·amp /2
(2.3)
where ao and a f are initial and final crack length, respectively.
After the integration of Eq.(2.3), the number of cycles to failure is estimated by
N = 2
(mp −2) ·Cp ·Y mp ·∆σmp
·
 1
a
mp /2−1
o
− 1
a
mp /2−1
f
 (2.4)
in which ∆σ is the stress range, Cp and mp are material constants However, Eq.(2.3)
cannot be integrated analytically when Y varies as a function of the crack length.
Models based on LEFM seem inadequate for conducting lifetime prediction of tool
steels since it is assumed that at least one pre-crack exists within the microstructure of
the material from the first cycle. This dimension of the pre-crack might equal to the
size of a cleaved carbide or inclusion in the structure/component. However, it has been
shown that the fatigue nucleation phase occupies a considerable period of the total life
of tool steels, illustrating that the LEFM model, by itself, cannot be used to predict the
total lifetime.
To deal with this problem, Pugno et al. [74] developed Paris’ law in order to find a sim-
ply generalized law (so-called unified law) for lifetime prediction of a structure/component.
The authors showed that the model could be applied to a crack of any size, i.e. crack
length in range of 10-1000µm, which are expressed as follows:
• For long crack growth:
d a
d N
∣∣∣∣
lc
=Cp ·
∆σ
√√√√√pi
a+( 2∆σko−mp
CpC¯pimp /2(mp −2)
) 2
mp−2


mp
(2.5)
• For short crack growth (a→ 0):
d a
d N
∣∣∣∣
sc
=Cp ·pi0.5mp ·
[
CpC¯pi
0.5mp (0.5mp −1)
] −mp
(mp−2) · (∆σ)
(ko−mp )mp
3mp−2 (2.6)
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The parameters in Eq.(2.5) and Eq.(2.6) can be estimated from Wöhler curve of the ma-
terial, i.e.,
No∆σ
ko
ul t =N∞∆σ
ko
o =N f ∆σko (2.7)
where No is a number of cycles to failure corresponding to limit of LCF, usually No = 103;
N∞ is a number of cycles to failure corresponding to infinite life, usually N∞ = 107. Fa-
tigue limit ∆σo is determined from stress intensity factor range ∆Kth with the assump-
tion of ’intrinsic crack’ ao existing in the structure/component.
∆σo = ∆Kthp
piao
(2.8)
and the stress range at static failure ∆σul t is calculated from ultimate tensile strength
σul t ( or yield strength of the material, σy ), i.e.
∆σul t = (1−R)σul t (2.9)
where R is the load ratio,
R = σmi n
σmax
(2.10)
and the power law exponent ko is estimated
ko · log
(
∆σR
∆σo
)
= log
(
N∞
No
)
(2.11)
finally, the power law coefficient C¯ is calculated by Eq.(2.12)
C¯ =N∞∆σkoo (2.12)
In the case of short crack growth Pugo’s and Nisitani’s model[75] are the same type, i.e.
the relationship between short crack growth rate proportional to power law of stress
range in Eq.(2.13).
d a
d N
∣∣∣∣
sc
=Csc · (∆σ)msc ·a (2.13)
Thus, Pugno’s power law is really appropriate model for short crack. However, this
model does not explicitly perform the relation with microstructural features; this gap
should be considered when studying short crack growth.
LIFETIME PREDICTION BASED ON THE COMBINATION OF LEFM AND STATISTICS
Tool life prediction based on the combination of LEFM and fracture probability has orig-
inally been proposed by Meurling et al. [71], then developed by Melander et al.[72]. This
model has been used to reveal the effect of the size and volume fraction of a carbide or
inclusion on the failure probability of a structure/specimen. Parameters in the model
can independently be determined from fracture mechanic tests and microscopic im-
age analysis (SEM); based on Poisson statistics, the probability of a certain number of
a crack in volume material is estimated, which induces failure probability of the struc-
ture/specimen corresponding to loading amplitude level. The authors assumed that the
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failure process has initiated if in the material contains at least one broken carbide or
inclusion that exceeds a certain critical size which is calculated from the threshold for
propagation. Assumptions are given for the model implementation as,
• carbides or inclusions are considered as spherical shape,
• crack starts in the form of an initially broken carbide/inclusion if the stress inten-
sity factor, at the crack tip of an initially broken carbide/inclusion, is greater than
the threshold stress intensity factor (∆K > ∆Kth), then crack propagation causes
failure the specimen/structure.
The stress intensity factor used for a crack initiating particle is expressed by:
∆K = 2 ·∆σ ·
√
Dp
2 ·pi (2.14)
where Dp is the equivalent diameter of a carbide/inclusion and ∆σ is the stress range.
The critical size was calculated as:
Dcr = 2pi ·
(
∆Kth
2 ·∆σ
)2
(2.15)
∆Kth was assumed to be equal to 4 MPa·
p
m for tool steels.
Since tool steels contain multiple crack initiating particles, the authors used a sta-
tistical approach to determine an expected number of critical defects λ¯c in a material
volume:
λ¯c =
∞Ï
Ω,Dp
F¯ · dDp ·dΩ (2.16)
and
F¯ =
√
2k¯
pi ·Dp
· f¯ · k¯ ·e−k¯·Dp (2.17)
where f¯ and k¯ are constants that can be determined by correlation with experiments
from distributions of inclusions and carbides.
The probability of a certain number of critical defects, n¯, in the material volume is
expressed by:
P (n¯)= λ¯
n¯
n¯!
·e−λ¯ (2.18)
For n¯ = 0, there is no critical defect, and for n¯ 6= 0, there is at least one critical defect.
When ∆K >∆Kth crack propagation leads to the structural failure, in that case the frac-
ture probability can be computed:
P f = 1−e−λ¯c (2.19)
As mentioned above, Melander et al.[72] improved Meurling’s model for clustering of
initially broken carbides/inclusions of non-spherical shape. In this model, an equivalent
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diameter of the cluster is used to replace the equivalent diameter of the carbide/inclusion,
as shown in Eq.(2.14). Then, the stress intensity factor can be expressed as
∆K = 2 ·∆σ ·
√
DC R
2 ·pi (2.20)
where DC R is the equivalent diameter of the carbide/inclusion clusters;
If all carbides have the same size, Dp , and their shapes and clusters are assumed to
be spherical with diameter, Dsp , all carbides can be considered to be centered inside a
cluster. In this case, the cluster’s diameter can be expressed by DRC =Dsp +Dp .
In [44] the results obtained by Meurling’s model for tool steels (PM23, VANADIS 10
and M2) showed the effects of the size and volume fraction of the carbide/inclusion on
fracture probability of a specimen/structure in cyclic loading. However, from the present
author’s point of view it is difficult to apply this model, since it requires a considerable
amount of experimental data for accurate estimation of the fracture probability.
2.2.2. LIFETIME PREDICTION BASED ON DAMAGE MODELS
Regarding the fatigue damage mechanisms of general metallic materials, there are two
distinctive approaches to model crack propagation and failure, being local and global
approaches, in which crack initiation and propagation features may then be determined
by means of the relationship between the von Mises yield stress and cyclic softening
evolution [76].
Global fracture mechanical approaches, such as J-integral and crack tip opening dis-
placement (CTOD) methods, are popular and widely applied in industry. Even though
receiving the favor of many scientists, these methods have considerable drawbacks [76],
the most important of which are:
• (i) crack initiation cannot be taken into account, and the model is assumed by
using preexisting crack,
• (ii) strong dependency on the geometrical type of component.
In contrast to global approach, the local approach commonly referred to as a contin-
uum damage mechanics (CDM), which relies on a couple of constitutive plasticity equa-
tions and damage in a material point level [76]. Ductile damage models belong to the
CDM group and are appositely used for ductile failure of metals. Moreover, several small
modifications allow these models to be used for brittle failures as well. This advantage
lets a scientist implement CDM model for simulating fatigue and fracture of material at
micro-meso scale in which the characters of both ductile and brittle phases might exist.
Consequently, ductile damage and failure models rely on a volume element of a pro-
cess zone and allow nucleation, growth and coalescence of voids to be described based
on CDM. By using this method, physical failure mechanisms are explicitly described,
thereby overcoming the limits of the global methods [76].
The main idea of the ductile damage indicator, D¯ , is to measure the occurrence of
failure for a material point. Upon local failure in FEM model, cohesion between mat-
ter in the failure zone may be lost and the stresses in the material can be redistributed,
2.2. TOOL LIFE PREDICTION
2
23
a mechanism that has led to the development of the "remove element technique" to
model ductile damage. When the ductile damage indicator, D¯ exceeds a critical value,
D¯c , the material is considered to have failed. The stiffness and strength of the corre-
sponding element are reduced and subsequently this element is removed from the mesh
[77].
There are two types of ductile damage models which are the damage indicator D¯ is
separated, and the other is coupled with constitutive plastic equations, which are often
used for simulating ductile failures.
For the first type of CDM aproach, the damage indicator D¯ is separated from consti-
tutive plastic equations; some authors including Crockcroft and Latham [78], Rice and
Tracey [79], Oyane [80], Brozzo et al. [81], Garrison et al. [82], and Ayada et al. [83] used
these models for dealing with monotonic loading up to failure in the ductile material.
The damage indicators of these models are expressed as follows:
The one of which was developed by Crockcroft and Latham [78]
D¯ =
∫ εpleq, f
0
σI dε
pl
eq (2.21)
Where σI is the maximum instantaneous principal stress, ε
pl
eq is the equivalent plastic
strain, and εpleq, f is the equivalent plastic strain at failure.
Actually, ductile failure mechanisms consist of three processes expressed as follows:
firstly, voids originate in defect regions including particles/inclusions, notches or pre-
existing pores in the material. Then these voids develop particularly in regions which
are subjected by high stress triaxiality, η= σHσeq with σH -hydrostatic stress. Finally, when
the voids are large enough, they have the tendency to coalescence and form micro- or
even macro-cracks that leads to structural failure [76]. Based on these mechanisms, Rice
and Tracey [79] proposed a damage indicator which concentrates on void growth and
takes the history of the strain loading into account:
D¯ =
∫ εpleq, f
0
exp(1.5η)
1.65εo
dεpleq (2.22)
where εo is the reference failure strain.
Oyane et al. [80] introduced a model which takes into account the impact of stress
triaxiality, η= σHσeq , on void nucleation and growth in a ductile material.
D¯ =
∫ εpleq, f
0
(
1+ A f ·
σH
σeq
)
dεpleq (2.23)
where A f is the material parameter.
Brozzo et al. [81] also introduced a semi-emprical damage indicator using the maxi-
mum stress and mean stress:
D¯ =
∫ εpleq, f
0
2σI
3(σI −σH )
dεpleq (2.24)
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Then Garrison et al. [82] and Ayada et al. [83] simplified this model in which the
ductile damage indicator presented:
D¯ =
∫ εpleq, f
0
σH
σeq
dεpleq (2.25)
The second type of CDM approach is coupled ductile damage model with constitu-
tive plasticity equation. Some authors including Gurson [84], Tvergaard [85], Lemaitre
[86] and Chaboche [87] used this type. This model can be developed for both monotonic
and cyclic loading; the general constitutive equation φ can be presented as in Eq.(2.27),
which could be performed in detail [87, 88]:
φ=σeq − (1− D¯) ·σi so = 0 (2.26)
or
φˆ= σeq
(1− D¯) −σi so = 0 (2.27)
where σeq is the von Mises equivalent stress, σi so is the flow stress, D¯ is ductile damage
indicator which describes failure of the ductile phase 0≤ D¯ ≤ 1.
If no voids are presented in the volume element D¯ = 0 (undamaged material) and if
a volume element has failed D¯ = 1 (fully damaged material). The reduction and increase
of the equivalent stress, σeq depends on the development of D¯ which increases relative
to the softening of the material. The flow stress, σi so is the component that shows the
hardening in the yield function.
The best known approach for describing the growth and coalescence of voids in duc-
tile materials was developed by Gurson [84] and then extended by Tvergaard [85]. In
these models, the ductile damage indicator related to void growth f ∗ was presented as:
D¯ =
√
−2q1 · f ∗ · cosh
(
3q2σH
2σi so
)
+1+q3 · f ∗2 (2.28)
where σi so is the flow stress, q1, q3, q3 are variables accounting for void coalescence.
f ∗ is defined as
f ∗ =

f for f ∗ < fcr i t ,
fcr i t + Kˆ · ( f − fcr i t ) for f ∗ > fcr i t ,
0 for f ∗ = fcr i t .
(2.29)
where fcr i t is the critical volume fraction of void and f is the actual volume fraction of
void.
The rate of increase of the volume fraction of void consists of two components which
describe the origination of new voids and the growth of existing voids. This parameter is
expressed by:
f˙ =B · ε˙pleq − (1− f ) · ε˙plkk (2.30)
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where B =B
(
ε˙
pl
eq
)
is the material parameter and ε˙plkk = ε˙
pl
11+ε˙
pl
22+ε˙
pl
33 is the rate of volume
plastic tensor.
In the review of CDM approach, Besson [76] highlighted that the micro mechanism
of fatigue crack growth could not correspond to that modeled using Gurson’s approach.
Therefore, a modification of Gurson’s model was necessary, in which the influence of
kinematic hardening on plastic deformations should be taken into account.
Regarding to cyclic loading, a very popular CDM model that takes care of the Bausch-
inger effect is Lemaitre’s model [86]. After that Chaboche [87] developed this model for
a general case of kinematic hardening. The model is applied in cases where loads are
cyclic or non-proportional. It is founded on a thermo-dynamical framework using the
concept of effective stress, resulting in the following equation:
φ= σeq
1− f −σi so = 0 (2.31)
where f is the void volume fraction and it acts as the damage variable of the model. The
damage variable, f , is defined as:
f = fc
εR −εD
·
(
ε
pl
eq ·
[
2
3
(1+ v)+3(1−2v) ·
(
σH
σeq
)2]
−εD
)
(2.32)
where fc is the void volume at failure, v is the poisson ratio and εR and εD are equivalent
plastic strain at initial damage and at final failure, respectively.
Applying the CDM for simulating crack initiation and propagation in tool steels and
hard metals (cutting tools) was carried out by several authors including Schmauder [89],
Mishnaevsky et al. [35, 52], and McHugh et al. [90]. Mishnaevsky et al. [35, 52] investi-
gated crack initiation and crack growth in M2 and M3:2 tool steels. The authors claimed
that a crack predominantly initiates in a brittle carbide phase surrounded by a ductile
binder region. They observed that the crack predominantly grows in the binder phase
along the boundaries of carbides and concluded that damage mechanisms in both hard
metals and tool steels include nucleation, growth and coalescence of pores in ligaments.
Schmauder [89] and McHugh et al. [90] studied micro-mechanical modeling of crack
growth in hard metal (WC-Co) under monotonic loading, and also stated that cracks
grow through both brittle and ductile phases. However, it is generally accepted that a
crack progresses initially by brittle fracture of the carbide phase, then the crack propa-
gates through the binder material. It is found that plasticity could not occur in regions
outside the plastic process zone (multi-ligament), so that the largest amount of fracture
energy was dissipated in the binder phase.
As mentioned, crack propagation is driven by ductile failure indicator; consequently,
plastic deformation in the matrix phase should be considered in the analysis. In cyclic
loading, the ductile damage indicator in Eq.(2.32) can be integrated with equivalent plas-
tic strain
˙¯D = D¯c
εR −εD
·
[
2
3
(1+ v)+3(1−2v) ·
(
σH
σeq
)2]
· ε˙pleq (2.33)
where D¯c is the critical damage parameter determined from experiments. The damage
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variable increment is updated accordingly as:
∆D¯ = D¯c
εR −εD
·
[
2
3
(1+ v)+3(1−2v) ·
(
σH
σeq
)2]
·∆εpleq (2.34)
Finally, damage evolution under each load cycle can be estimated together with the
number of cycles to failure N f . For example, Redl et al. [91] and Krumphals et al. [92]
introduced a simple equation to determine the number of cycles to failure under cyclic
loading as in Eq.(2.35):
N f =
1
∆D¯S
(2.35)
where ∆D¯S is the damage parameter increment within the stabilization cycle.
The local damage propagation described above strongly depends on the mesh size
used in the model. To deal with this mesh dependency problem, a non-local approach
should be used, barring the use of local approaches for fatigue modeling.
2.3. INTRODUCTION TO THE MULTISTAGE FATIGUE MODEL
The Multistage fatigue model (MSF), consists of 3 stages, and is originally developed by
McDowell [2]. It is used solely for metal alloys to predict crack incubation (INC), micro-
structurally short crack (MSC), physically short crack (PSC) and long crack (LC) propa-
gation. The three regimes, describe the total lifetime as shown in Eq.(2.36).
NT =Ni nc +Nmsc/psc +Nlc (2.36)
• Ni nc is the number of cycles to incubation (nucleation plus early short crack growth
through the region of notch root influence) a micro-notch scale crack with initial
length, ai nc , proportional to a half of the maximum particle/inclusion diameter.
Sometimes this stage is called non-propagation stage.
• Nmsc is the number of cycles required for propagation of a micro-structurally short
crack with crack length ai < a < k·GS (GS is the grain size), where k is usually
chosen to be 2-4. Npsc is the number of cycles required for propagation of a PSC
during the transition from MSC status to that of a dominant LC. MSC and PSC
growth are governed by the crack tip opening displacements.
• Nl c is the number of cycles of the long crack growth, according to LEFM.
In literature, the MSF has been used to quantify the effects of microstructural fea-
tures on various metal alloys in HCF including a cast A356-T6 aluminum alloy [2], a die-
cast AZ91E-T4 magnesium alloy [93], a die-cast AM50 magnesium alloy [94], a cast AE44
magnesium alloy, a 7075-T651 aluminum alloy [31], a cast A356-T6, an A380-F aluminum
alloy [95], a Laser Engineered Net Shaping (LENS) processed steel [96], and most recently
an AZ61 magnesium alloy [97]. McDowell [2] suggested that the MSF model could be
used to study high strength steels subjected to HCF. In the following sections, the fatigue
crack mechanisms are introduced based on McDowell’s model. Additional information
on MSF modeling is available in literature [2, 32, 33, 98, 99].
2.3. INTRODUCTION TO THE MULTISTAGE FATIGUE MODEL
2
27
2.3.1. FATIGUE CRACK INCUBATION
Fatigue crack incubation refers to the number of cycles required for a micro-structurally
short crack to form, which is sometimes named non-propagation stage. In case pre-
cracked or de-bonded particles/inclusions are present, the term refers to the number of
cycles for the crack to form and subsequently grow outside the region of the notch root
plastic zone.
Various stress/strain-based damage parameters have been suggested to predict the
lifetime of fatigue crack incubation, such as the multi-axial fatigue criterion with criti-
cal planes of Fatemi-Socie (FS) [100] or the Smith-Watson-Topper (SWT) method [101].
The FS parameter is appropriate for shear dominated crack formation and early crack
growth. By the correlation of experiments with multi-axial fatigue data, McDowell [16,
17] indicated that the FS critical plane parameter had superior predictive capabilities for
the modeling of fatigue crack formation as compared to the SWT parameter. Hence, the
FS parameter, critical plane approach, is used to characterize crack formation and early
growth (i.e. the non-propagation stage). The FS parameter is given
∆Γ= ∆γ
p∗
max
2
(
1+K ∗σ
max
n
σ′y
)
(2.37)
where ∆Γ is the FS parameter, ∆γ
p∗
max
2 is the maximum plastic shear strain amplitude,
σmaxn is the maximum normal stress on the plane of maximum shear strain amplitude,
normalized by the cyclic yield strength σ′y , and K ∗ is a constant in the range of [0.5,1]
which is close to unity for HCF and lower for LCF [102].
Fatigue crack formation originated from a cleavage, de-bonded particle/carbide/-
inclusion or a notch is often associated with the development of persistent slip bands
(PSBs) and is mainly dominated by slip irreversibility. A crack incubation criterion based
on the critical notch depth by random slip in PSBs was proposed by Cheng [103] in which
the crack incubation life is controlled by the maximum cyclic plastic shear strain ampli-
tude ∆γ
p∗
max
2 . Consequently, in this case, the life of fatigue crack incubation is estimated
by using a modified Manson-Coffin relation, i.e.,
∆γ
p∗
max
2
=Ci nc (2Ni nc )α (2.38)
where ∆γ
p∗
max
2 is averaged cyclic plastic shear strain over a relevant notch root domain-
cyclic plastic zone, Ni nc is the crack incubation life; Ci nc and α are material constants,
where α is a negative number (−1≤α≤ 0).
In general the interaction between tensile and shear stresses in a structure induces
crack formation; the FS damage parameter ∆Γ should be modified, and it relates to
Manson-Coffin laws for crack formation (incubation) as follows
∆Γ= ∆γ
p∗
max
2
(
1+K ∗σ
max
n
σ′y
)
=Ci nc (2Ni nc )α (2.39)
Note that the crack length corresponding to this stage (non-propagation stage) is defined
to be ai nc = 0.625Dp in which Dp is the average diameter of a particle/carbide/inclusion
[2].
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2.3.2. SHORT CRACK GROWTH
When the crack length or cyclic plastic zone size is in the order of the material’s mi-
crostructural features, a short crack occurs (sometimes short crack can be devided into
smaller parts including microstructurally short crack (MSC) and physically short crack
(PSC)). Naturally, fatigue crack growth in this stage cannot be characterized based on
the conventional LEFM driving forces such as the cyclic stress intensity factor (∆K ) [20],
but the cyclic crack tip opening displacement (∆C T OD) is a good measure of the driving
force for the short crack propagation [104]. Using ∆C T OD as the driving force of short
crack has the advantage which does not inherently consider the influence of the mi-
crostructure, but also accurately captures the crack tip plasticity conditions. The∆C T OD
parameter can be related to the short crack rate as expressed in Eq.(2.40) [2].
d a
d N
∣∣∣∣
msc/psc
=χ (∆C T OD−∆C T OD th) (2.40)
• d ad N
∣∣∣
msc/psc
is microstructurally and physically short crack growth in short crack
stage,
• χ is the material constant for a certain microstructure,
• ∆C T OD and ∆C T OD th are the crack tip displacement range and the threshold of
the crack tip displacement range, respectively.
According to McDowell [2], the∆C T OD is a function of voids, load ratio, ultimate tensile
strength and remote loading (stress amplitude) shown in Eq.(2.41).
∆C T OD =C I I ·ϕ( f ) ·
[
U∆σˆ
σu
]ζ
a+C I ·
[
∆γ
p
max
2
∣∣∣∣
macr o
]2
(2.41)
where ϕ( f ) is a function of void volume fraction f ; C I , C I I and ζ are material constants
based on short crack growth experiments.
ϕ( f )= 1+% · (1− f )Ψ (2.42)
in which f is the void volume fraction; % andΨ are material modeling parameters.
As defined in [2], crack incubation length is a function of the particle size ai nc =
0.625Dp . When the crack incubates from this initial crack (ai nc ), the growth rate is in-
fluenced by a local stress field, which, in turn, is influenced by microstructural features
such as grain size, defect size (porous, particle/inclusion), volume fraction, or the near-
est neighbor distance of those defects. Jordon[33, 95] established ∆C T OD for cast Alu-
minum alloys in Eq.(2.43); this model could be considered as the first model taking into
account the effect of microstructural features on short crack growth in cast Aluminum
alloys:
∆C T OD =C I I
(
GS
GSo
)Υ( GO
GOo
)ξ[U∆σˆ
σul t
]ζ
a+C I
(
GS
GSo
)Υ′( GO
GOo
)ξ′[ ∆γpmax
2
∣∣∣∣
macr o
]2
(2.43)
where
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• C I ,C I I are material dependent parameters for microstructural effects on short crack
growth
• GS, GSo are grain size and reference grain size
• GO, GOo are grain orientation and reference grain orientation
• Υ,Υ′ are exponents related to porosity effects on decreasing fatigue life
• ξ,ξ′ are exponents related to texture effects
• ζ is exponent in small crack growth for low and high cycle fatigue respectively
• ∆σˆ is equivalent applied stress range-remote loading;σul t is ultimate tensile stress;
U is a function of load ratios.
• ∆γ
p
max
2
∣∣∣
macr o
is the macroscopic maximum plastic shear strain amplitude. If uniax-
ial cyclic loading is applied, the macroscopic maximum plastic shear strain can be
calculated using the remote applied strain amplitude following Xue et al.[31], i.e.,
∆γ
p
max
2
∣∣∣∣
macr o
= 3
2
∆εp
2
= 3
2
(
∆σ
K ′
)n′
(2.44)
Jordon [33] also suggested that Eq.(2.43) can be modified for wrought Aluminum al-
loy cases, in which the inclusion character is the driving force for short crack growth.
This suggestion raises an idea in which the fatigue driving parameter ∆C T OD could be
a function of microstructural features of particles reinforced composites.
2.3.3. LONG CRACK GROWTH
LEFM is usually used to model the growth of a crack appearing to the naked eyes from
an initial size (ao) up to a final crack size at failure (a f ). The growth of a crack in LEFM
is typically modeled through the use of the Paris-Erdogan law, a power law relation be-
tween crack growth of long cracks in which LEFM is applicable and the range of a mode
I stress intensity factor over one cycle (∆K ), i.e.,
d a
d N
=Cp · (∆K )mp (2.45)
where Cp and mp are material constants and ∆K =Kmax−Kmin is the stress intensity
factor range. This factor depends on crack geometry, crack length, crack location in the
specimen, and loading conditions. The general form for the stress intensity factor range
is shown in Eq.(2.46)
∆K = Y ·∆σ ·ppia (2.46)
It is well-known that Y is a function of crack geometry and loading condition, ∆σ is the
remote applied stress range, and a is the crack length. The rate of long crack growth also
depends greatly on the load ratio R (so-called closure effect). Generally, at comparable
stress intensity ranges, the crack growth rate is increasing with increasing the load ratio.
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To account for this closure effect, several empirical models have been proposed. For
example, the long crack growth relation is given in the MSF model [2],
d a
d N
∣∣∣∣
l c
= Ap ·
(
∆K
mp
e f f −∆K
mp
e f f ,th
)
(2.47)
where the intrinsic threshold is given by ∆Ke f f ,th as determined from the threshold for
very high stress ratios. The effective stress intensity factor range is defined by
∆Ke f f =
{
Kmax−Kop if Kmin <Kop ,
Kmax−Kmin if Kmin ≥Kop .
(2.48)
where Kop is the opening stress intensity factor level which depends strongly on the load
ratio.
In short, based on MSF model the total life of a component can be estimated by tak-
ing the sum of crack incubation in Eq.(2.39), micro-structurally and physically short
crack growth in Eq.(2.40), and long crack growth lives in Eq.(2.47), i.e. NT = Ni nc +
Nmsc/psc +Nlc .
■ Some remarks onMSFmodel
The multi-stage fatigue model has the advantage that completely describes fatigue crack
mechanisms as well as can be developed to take into account the effects of microstruc-
tural features (i.e. particles/inclusions, pores, grains) on the fatigue behavior of alloy
materials under HCF. However, there are still some drawbacks that need to be solved.
For example, Ringsberg et al. [105] pointed out that multitudes of parameters in this
model make it difficult to use since every material parameter required in the model has
to be known. Kujawski [106] suggested that the opening stress intensity factor Kop is dif-
ficult to estimate and that use of ∆Ke f f for fatigue crack growth in the stable stage is not
necessary in case of in-plane strain condition which the induced plasticity closure can
be neglected. ∆Ke f f utilization was only significant in the case of plane stress. Conse-
quently, it is necessary to modify the multi-stage fatigue model for lifetime prediction of
tool steels.
3
METHODS
3.1. MATERIAL CHARACTERIZATION OF CARBIDE RICH TOOL
STEEL
Carbide-rich tool steel is a type of steel containing a high volume fraction of carbides,
required for high hardness and high wear resistance. This material is not mainly ap-
plied to the tooling industry in high speed cutting processes but also to special parts of
an engine. HSS components are often exposed by cyclic mechanical stresses with high
number of load cycles during their operation, which causes the component to fail as a
result of HCF. This phenomenon raises the need for a better understanding of the fatigue
behavior and lifetime prediction for this class of materials.
The production of HSS can be performed by conventional casting, forging, powder
metallurgy (PM) or spray forming (SF). In the conventional casting method, a steel melt
is poured into a large mould and slowly cooled into a solid material. Often the ingot
product is hot formed by forging or rolling in order to rearrange microstructures, which
improves mechanical properties of HSS. In the PM method, a steel melt is atomized by an
inert gas to form solidified powders. In the next processing step, the solidified powders
are bound together under high pressure (HIP), forming a solid cylinder. SF methods are
similar to the PM method; however, the steel droplets are blown toward a rotating disk
to make a solid cylinder by solidifying at the substrate [107].
Recently, a process called electroslag refining/re-melting is used to reduce the amount
of non-metalic inclusion in cast ingots. Conventional casting saves the cost per unit
product compared to PM and SF methods. After casting and remelting, other processes
such as forging and hot or cold rolling could be used to decrease the carbide size and to
break up net-like structures of the eutectic. By this technique, toughness and strength
can be improved; however, the disadvantage of casting and forging method is that it is
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difficult to produce heterogeneous material without segregation. Therefore, heteroge-
neous mechanical properties are an inherent attribute of this kind of the material at the
micro-scale [5].
The objective of this research is to investigate and quantify the influence of primary
and eutectic carbides on the fatigue behavior of HSS. Cast and forged tool steels receive
particular interest, meaning that large primary carbides and carbide clusters are com-
mon constituents of the material. As stated previously, the presence of carbides results
in a high hardness and a high wear resistance, but simultaneously has the disadvantage
that the amount of the crack nucleation sites increases. The knowledge gained from this
study is expected to help improve the fatigue strength and fatigue resistance of HSS.
3.2. MICROSTRUCTURES OF CARBIDE RICH TOOL STEEL
Table 3.1: Chemical composition of M3:2 tool steels (%w t .) [43, 108]
AISI C Si Cr W Mo V Mn
Cast M3:2 1.19 0.72 4.4 6.9 4.6 2.9 0.29
Forged M3:2 1.21 0.44 4.0 6.1 4.8 2.8 0.25
PM M3:2 1.31 0.60 3.9 5.9 4.9 2.9 0.27
In this thesis, both cast and forged AISI M3 class 2 high speed tool steel (DIN HS6-5-
3) were chosen for the validation of the proposed model. M3:2 tool steel is a high speed
tool steel which contains, in addition to Cr, W, Mo and V in Tab.3.1 [43, 108]. Typical car-
bides found in M3:2 are M6C and MC. The carbide M6C is a multi-component carbide,
containing 40−70% Fe and smaller amount of Mo, W and V. MC type carbide is V-rich and
contains 4−6% Fe together with W, Mo and V. Secondary precipitated carbides found in
the martensitic matrix contribute to improvement of high wear resistance, stable hard-
ness and tempering resistance which withstands to heat and wear during cutting [46].
Actually, when tool steels is quenched, three types of structural phases exist includ-
ing martensite, carbides, and retained austenite, which influence the mechanical prop-
erties of tool steel. Tempering is then applied to tool steels for two main objectives: struc-
tural changes of the martensite including fine carbide precipitation and transformation
of the undesired retained austenite occur [46].
Vatavuk et al. [109] investigated that the retained austenite level in M3:2 heat treated
at 1180oC and tempered from one to three times (at 560oC). According to this tempering
temperature, the retained austenite evaluation quantities are close to 5%, 2% and 1% for
the first, second and the third tempering, respectively. Consequently, the matrix phase
of tool steels can be considered as pure martensitic phase. Furthermore, the obtained
martensitic matrix after tempering also contains carbides that have precipitated at dif-
ferent temperature levels. Secondary carbides appear in the austenite during cooling
down from the solidus temperature with globular shape (< 1µm) after hot working and
soft annealing. The smallest particles are dissolved at the hardening temperature and re-
precipitated during tempering to a size< 0.1µm. Normally, the secondary and tempered
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carbides cannot be individually being treated continuum mechanically [52, 110, 111].
Therefore, at the length scale in the order of micrometers, cast and forged M3:2 tool steel
is assumed to consist of primary and eutectic carbides (M2C/M6C) embedded in a ho-
mogeneous martensitic matrix.
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Figure 3.1: Microstructures of M3:2 tool steel a,b) as-cast; c) forged [56]
It is well-known that carbides are formed during the solidification process of the steel
melt, as well as during hot working and heat treatment and that they may change their
shapes and sizes. Thereafter these carbides have different compositions, distributions
and mechanical properties, depending on the alloy’s contents and heat treatment. After
conventional casting, the products from the material has to be formed in order to get
desired component dimensions by means of hot rolling. The rolling process establishes a
fine grain size in the martensite matrix, which improves its mechanical properties [108].
In cast M3:2 tool steel, the carbides are predominantly located at the boundaries of
metal cells, forming an eutectic net-work, whereas in forged M3:2 tool steel, a typical
parallel alignment of carbides (carbide bands) is observed, resulting from casting and
rolling. In addition to the primary carbides, very few non-metallic inclusions, containing
Ca, Mg, Al, Si nd probably oxides or sulfides might exist in M3:2 tool steel. However,
with electro slag remelting of ingot metallurgy tool steel, these kinds of inclusions can be
reduced, and the carbides M6C and MC dominate in the material [112, 113]. In the as-
cast state the M2C/M6C eutectic form a net around the metal dendrites which include
some primary carbides Fig.3.1a). After annealing or hot working of an ingot, M2C is
decomposed into MC and M6C as shown in Fig.3.1b) and after that a cross-sectional
reduction ratio of > 10% of the net was stretched to a banded carbide structure which
characterizes the as-forged state as in Fig.3.1c) [56].
Table 3.2: Geometrical characters of primary carbides in M3:2 tool steels [108]
AISI Vp [%] Dp [µm] h/w [-] Sp [µm] Sc [µm] Sb [µm] dg [µm]
Cast M3:2 11.2 9.47 23.9±14.0 1.44 83.5 - 83.5
Forged M3:2 9.2 3.96 7.7±3.8 7.61 - 27 13.0
PM M3:2 11.4 1.0±0.5 1.0 1.6 - - 9.0
The microstructure of the materials were determined using a Scanning Electron Mi-
croscope (SEM) and X-ray diffraction. Geometrical characters of carbides in M3:2 steel
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produced by different techniques are presented in Tab.3.2 [37, 43] in which parameters
and indexes identify are: Vp is the volume fraction of primary and eutectic carbides; Dp
is average diameter of carbides; Sp is the internal distance between each carbides; h/w
is height/width ration, p indicates primary carbide; c stands for carbide net; b stands for
carbide band; g is austenitic grain (in this thesis D¯p is used for average grain size). Note
that the shape ratio h/w depends on load direction illustrated in Fig.3.2. For that reason,
throughout this thesis shape ratio s = h/w is defined as illustrated by Fig.3.2a) in which
load direction is longitudinal to the major axis of carbides.
t
a(t)
one load cycle
N=1
a
a)
h
w
b)
a
h
w
Figure 3.2: Definition of shape ratio a) load direction is longitudinal to the major axis of carbide; b) load
direction is perpendicular to the major axis of carbide
According to Leskovsek [114] M-type tool steel shows a relationship between average
diameter Dp , volume fraction Vp of primary carbides and the distance between internal
carbides Sp (so-called mean free path of carbides) as described in Eq.(3.1) [115]. In real-
ity, this equation is only valid for homogeneous distribution of carbides, i.e. in PM tool
steel. However, this equation could provide an approximate method of the mean free
path of ingot metallurgy tool steels in case lack of metallography data of cast and forged
HSS.
Sp =Dp
(
1−Vp
)√ 2
3Vp
(3.1)
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The cast and forged M3:2 tool steels (AISI M3 class 2) were chosen for validation of the life
prediction model. As mentioned above, at micro-scale cast and forged M3:2 tool steels
can be considered being a metal matrix composite consisting of carbides embedded in
martensitic steel.
In order to simulate fatigue crack incubation, a representative volume element (RVE)
was built. RVE is the minimum unit cell which is a representative of actual composite
structure with effective properties corresponding to homogeneous macroscopic model.
The periodicity of the cell must be satisfied, requiring the compatibility of the defor-
mation stresses and strains on opposite surfaces for 3D or opposite edges for a 2D RVE.
There are two periodic conditions that must be applied to an RVE, including the periodic
material condition and the periodic boundary condition; however, the periodic bound-
ary condition is most used in the RVE concept. The periodic boundary conditions (see
[116, 117]) in detail, are expressed as follows
ui = ε¯i k xk +u∗i (3.2)
where ui describes the displacement components of a node on the boundary faces/edges,
ε¯i k is average strains, xk is coordinates of the node and u
∗
i is local fluctuation due to in-
homogeneity of the periodic part of ui . The Eq. (3.2) can be expressed in another way as
follows
u+i = ε¯i k x+k +u∗+i
u−i = ε¯i k x−k +u∗−i (3.3)
where u+i is the displacement of a node on the boundary surface/edge and u
−
i is the
displacement of a node on the opposite surface/edge.
For the periodic boundary conditions holds
u∗+i = u∗−i (3.4)
Then Eqs.(3.3) becomes
u+i −u−i = ε¯i k (x+k −x−k ) (3.5)
There are 3 steps in generating an RVE model: firstly, the microstructures of material
are analyzed by digital images (SEM) to determine the geometry of all material phases
contained in the RVEs; then finite element mesh is built and material properties are as-
signed to each phase of material components in previous step; finally, numerical analy-
sis is carried out to investigate micro-mechanics of the material [117]. Note that the size
of the RVE should be large enough to the specific size of material components which
allows stress and strain to be defined over the cell, and this size should not too small
to omit macroscopic heterogeneity; usually, the size of RVE takes at least ≥ 2 times the
largest inclusion or particle size [116].
The study of fatigue crack incubation (nucleation) focuses on simulation of microstruc-
tures of HSS at micro-scale. The basic idea is to generate an RVE which can be used for
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the finite element analysis of fatigue crack formation. This RVE is based on the material
properties and the geometrical arrangements of the constituents, i.e. carbides embed-
ded in homogeneous martensitic steel. Mishnaevsky et al.[35, 52] simulated crack ini-
tiation and propagation in cast and forged HSS (M2 and M3:2) at a micro-scale under
monotonic loading. The authors built RVE models for cast-grade (net-like) and forged-
grade (band-like) tool steels, as shown in Fig.3.3. In these models, the materials consist
of two phases, being carbides (hard phase) and martensitic steel (matrix phase). Car-
bides are assumed to be perfectly bonded with the martensitic steel.
Figure 3.3: Meso-scale model for HSS a) band-like, b) net-like according to[52]
Analogously in this thesis, RVEs model of cast and forged M3:2 tool steel were gen-
erated in order to simulate fatigue crack incubation. The geometrical and mechanical
properties of each phase are chosen based on [35, 37, 108, 118] as follows:
Table 3.3: Mechanical properties of primary carbides and the matrix of HSS [35, 118]
Phase E [GPa] ν [-] σo [MPa] σul t [MPa] c¯ [GPa] r¯ [MPa] σ∞[MPa] κ[-]
HP 400 0.25 - 1604 - - - -
MP 210 0.3 1500 - 112.1 200 417 137
• Hard phase (HP): The carbide shape can be circular, dog-bone, polygonal and el-
liptical, which was according to Antretter [34]; the volume fraction of primary and
eutectic carbides is Vp = 10% and the mechanical properties of the carbides are
assumed to be elastic and brittle.
• Matrix phase (MP): The martensitic matrix is assumed to be elasto-plastic and ho-
mogeneous.
The summary of mechanical properties for the two phases is shown in Tab.3.3 in
whichσo is the yield strength; σ∞ and κ are coefficient and exponent parameters of flow
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stress, respectively; σul t is the ultimate tensile stress, c¯ is the kinematic modulus, and r¯
is the dynamic rate of back stress tensor.
In reality, the behavior of the cyclic plastic deformation of a material cannot be as-
sumed to be purely isotropic hardening. As using pure isotropic hardening, the stabiliza-
tion of a hysteresis loop will not occur when increasing the cyclic loading; on the other
hand, if using only pure kinematic hardening, the plastic surface is stable after the first
cycle. Therefore, the combination between isotropic and kinematic hardening model is
used, which enables the hysteresis loop stabilized after the first few cycles [119]. Actually,
the combination of non-linear iso-kinematic hardening is a useful method to express the
most typical phenomena in cyclic behavior such as the Bauschinger effect, kinematic
hardening with shakedown, ratcheting, and even the relaxation of mean stress. This be-
havior is considered well in good agreement with what is seen in reality and experimental
testing.
In this study, the combination of nonlinear iso-kinematic hardening model is used to
describe the behavior of the matrix phase under cyclic loading. This model is available
in ABAQUS [120] . Consequently, the plasticity model of the matrix phase is expressed
by the von Mises plastic flow as shown in Eq.(3.6)
Φ= f (σi j −αi j )−σi so (3.6)
WithΦ= 0 during plastic deforming, and:
f
(
σi j −αi j
)=√3
2
(
si j −α′i j
)(
si j −α′i j
)
(3.7)
in which, si j is the deviatoric stress tensor, σi j is the stress tensor, αi j is the back stress
tensor, α′i j is the deviatoric component of the back stress tensor, and σi so is the flow
stress.
The rate change of plastic deformation is as follows:
ε˙
pl
i j =
√
2
3
ε˙
pl
eq
si j −α′i j∥∥si j −α′i j∥∥ (3.8)
where ε˙pli j is the rate change of plastic deformation components and ε˙
pl
eq is the rate change
of equivalent plastic deformations which is defined as follows:
ε˙
pl
eq =
√
2
3
ε˙
pl
i j ε˙
pl
i j (3.9)
The rate change of the back stress tensor is expressed as in [118–120],
α˙i j = c¯
σi so
(
σi j −αi j
)
ε˙
pl
eq − r¯αi j ε˙pleq (3.10)
where α˙i j is the rate of the back stress tensor.
When plastic deformation increases, the flow stress σi so is expanding. According to
Mishneavsky et al. [35], the flow stress of martensitic phase of M3:2 tool steel is defined
as a nonlinear function, i.e. nonlinear isotropic hardening function,
σi so =σo +σ∞(1−e−κε
pl
eq ) (3.11)
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where σ∞, σo and κ are given in Tab.3.3
3.4. FATIGUE DAMAGE MODEL FOR PARTICLE REINFORCED COM-
POSITES
In metallic materials, fatigue crack growth can be estimated based on cumulative fatigue
damage theory, which expresses the relationship between cyclic plastic zone at the tip of
a crack and the stress intensity factor in fluctuating loads. The relations can be found in
many publications including Kanazawa et al. [121], Guerra-Rosa et al. [122], Srivastava
et al. [123] and Silva [124].
Cyclic
 plastic zone Dc
Fatigue damage 
zone DFDZ
Crack
 
Figure 3.4: Cyclic plastic zone at the crack tip according to [125]
The size of a plastic zone has been defined by Guerra-Rosa et al. [122] using the LEFM
concept, and then it was developed to estimate the cyclic plastic zone Dc as expressed
in Eq.(3.12). A crack forms and propagates over this zone.
Dc =λ ·
(
Kmax
σ′y
)2
(3.12)
where λ is the plastic zone correction and σ′y is the cyclic yield strength.
Ding et al. [125], considered first one, developed and implemented the cyclic plas-
tic zone in Fig.3.4 for fatigue crack calculation of particulate metal matrix composites
in the LCF regime. This model shows excellent validity in the high strain range (LCF)
in which plasticity dominates in particle or short fiber reinforced metal matrix compos-
ites [126–128]. Ding’s model only requires a few experimentally determined parameters;
furthermore, it takes into account the influence of microstructural properties of metal
composites on fatigue crack growth.
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In this study, the relationship between crack growth rate d ad N and accumulated plastic
strain (εpla ∝ d ad N ) from Ding’s model is transferred into Basquin’s law (i.e., σa or ∆σ2 ∝
d a
d N ), which allows this model to be applied to the HCF regime. A brief introduction to
this model is given as follows, more details found in [126–128].
In the cyclic plastic zone Dc in Fig.3.4, the shear process takes place during crack
growth; here, the size of the cyclic plastic zone is influenced by load ratios. According
to Silva [124], when increasing the stress ratio and retaining a constant value of Kmax ,
the plastic zone size increases. Srivastava et al. [123], investigating the influence of load
ratio R on the effective stress range and crack growth in an Al-alloy, stated that larger
compressive stresses at the crack tip induce a larger size of the plastic zone. This implies
that the cyclic plastic zone is a function of load ratios in the range R ≤ 0. The maximum
stress intensity factor and stress intensity factor range related to the load ratio R are cal-
culated as in Eq.(3.13).
Kmax = ∆K
2(1−R) (3.13)
and the plastic zone size Dc is expressed as:
Dc =λ ·
(
Kmax
σ′y
)2
=λ ·
(
∆K
2σ′y · (1−R)
)2
(3.14)
McDowell et al. [2] also shows that the relationship between the ∆C T OD and the
load ratio R can be expressed,
∆C T OD ∝U ·∆K (3.15)
with
U =
{
1
1−R if R < 0,
1 if R ≥ 0. (3.16)
in which R =Rε or R =Rσ corresponds to strain or stress loading, respectively.
This equation implies that the plastic zone size is a function of U . Therefore, from
the combination of Eqs. (3.12), (3.14) and (3.15), the cyclic plastic zone which takes into
account the effect of the load ratio R was modified for without loss of generality
Dc =λ ·
(
U ·∆K
2σ′y
)2
(3.17)
where σ′y is the cyclic yield strength of material, ∆K is the stress intensity factor, and
λ is the cyclic plastic zone correction factor. In practice, the correction factor λ is esti-
mated by a best-fit with the relationship between the cyclic plastic zone size Dc and the
parameter
(
U ·∆K
2σ′y
)
.
Eq.(3.17) is developed for particle reinforced composite by Ding et al.[125] as follows
Dc =λ ·
(
U ·∆K
2σ′p,C
)2
(3.18)
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where σ′p,C is the cyclic strength of homogeneous composite material (bulk composite).
A crack grows in the fatigue damage zone (FDZ), sometimes called the plastic process
zone. This zone is bounded in the cyclic plastic zone in Fig.3.4. When stresses in the
FDZ at the crack tip are greater than the ultimate strength of material, secondary cracks
appear in this area and these coalescence with the main crack.
The FDZ size in composite materials is affected by the interaction between particles
and the metallic matrix, such as de-bonding of particles and matrix, particle cracking, or
damage of the matrix due to softening during the fatigue process [125–128]. The effect of
above factors on the cyclic plastic zone Dc in particle reinforced metal matrix composite
is performed as,
Dc =λ ·
(
U ·∆K¯e f f
2σ′p,M
)2
(3.19)
in which ∆K¯e f f is the effective stress intensity factor in a particle reinforced composite
and σ′p,M is the cyclic yield strength of the metal matrix. Notice that σ
′
p,C (cyclic yield
strength of the bulk composite) is replaced by σ′p,M in Eq.(3.18) because the secondary
crack only starts in the matrix phase.
Set F = σ
′
p,C
σ′p,M
, the Eq.(3.19) is rewritten:
Dc =λ ·F 2 ·
(
U ·∆K¯e f f
2σ′p,C
)2
(3.20)
Eq.(3.20) shows that the effective stress intensity factor ∆K¯e f f does play an impor-
tant role in not only the size of cyclic plastic zone Dc , but also the main parameters
controlling the size of the plastic zone including the cyclic plastic strain range ∆εpl and
the crack length a.
The effective stress intensity factor is determined by the interaction between parti-
cles and the metal matrix [125],
∆K¯e f f =
∆σe f f
2
·ppia (3.21)
where
∆σe f f
2 depends on the constraints between the matrix and particles, or particles
with each other shown in Eq.(3.22), i.e.,
∆σe f f =
1
2Cε
·
(
∆σ
2
)
(3.22)
Ding [125] defined Cε as the adhesive coefficient of the constraint between the matrix
and particles. Its value is in the range of 0.1≤Cε ≤ 0.5; the higher value gives the higher
constraint. In Aluminum alloy composites, the constraint between the matrix and par-
ticles is Cε = 0.1−0.3 and between particles it gets Cε ≥ 0.4. In general case, in uniaxial
fatigue loading Cε = 0.25.
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Substituting Eq.(3.21) and Eq.(3.22) into Eq.(3.20), the size of the cyclic plasticity zone
in particle reinforced composites is calculated as
Dc = λ ·pi ·F
2 ·U 2
16C 2ε
·
(
K ′
σ′p,C
)2
·
(
∆εpl
2
)2n′
·a (3.23)
where
∆εpl
2 is the cyclic plastic strain range, n
′,K ′ are the cyclic hardening exponent and
the cyclic hardening coefficient, respectively.
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Figure 3.5: Definition of cyclic stresses and strains in cyclic plastic zone according to [129]
The cyclic stresses and strains distributed within the cyclic plastic zone size Dc (see
Fig.3.5) can be approximated using an expression proposed by Rice [129] as follows:
σ(r ) = ∆σ
2
·
[
Dc
r
] n′
n′+1
εpl (r ) =
∆εpl
2
·
[
Dc
r
] 1
n′+1
(3.24)
The FDZ is defined to be a region at the crack tip within the cyclic plastic zone size,
Dc , in which the degradation process of composite starts. The FDZ size DF D Z is de-
termined based on the assumption that the stress in this region approaches the cyclic
tensile strength of the matrix phase in the composite material σ′p,M . According to Ding
et al. [125], the size of FDZ can be calculated as:
DF D Z =Dc ·
(
∆σ
2σ′p,M
) n′+1
n′
(3.25)
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in LCF, the relationship between cyclic plastic strain range and stress range is ex-
pressed,
∆σ
2
=K ′ ·
(
∆εpl
2
)n′
(3.26)
substitute Eq.(3.23) and Eq.(3.26) into Eq.(3.25), the size of the FDZ in a particle rein-
forced composite can be calculated,
DF D Z = λ ·pi ·F
2 ·U 2
16C 2ε
·
(
1
σ′p,C
)2
·
(
1
σ′p,M
) n′+1
n′
· (K ′) 3n′+1n′ ·(∆εpl
2
)3n′+1
·a (3.27)
In Eq.(3.27), it is clear that the FDZ size depends on the strengthening ratio F which
is a function of microstructural features of the composite. When F increases, the size of
the FDZ also increases; this implies fatigue crack growth increases.
Ding [125] defined the average accumulated plastic strain over the FDZ region which
can be determined by using Eq.(3.24) and Eq.(3.27)
ε∗pl =
1
DF D Z
·
∫ DF D Z
0
ε(r ) dr = 1
DF D Z
·
∫ DF D Z
0
∆εpl
2
·
(
Dc
r
) 1
n′+1
dr
=
(
n′+1
n′
)
·
D
1
n′+1
c
D
1
n′+1
F D Z
 · ∆εpl
2
(3.28)
then substitute DF D Z =Dc ·
(
∆σ
2σ′p,M
) n′+1
n′
and
∆εpl
2 =
( 1
K ′
) 1
n′ · (∆σ2 ) 1n′ into Eq.(3.28), the
average accumulated plastic strain in the FDZ is derived:
ε∗pl =
(
n′+1
n′
)
·
(
σ′p,M
K ′
) 1
n′
(3.29)
A crack that grows in the LCF regime often has a strong relation with the cyclic J
integral (∆J ), and ∆J is the rate of change of potential energy, expressed by
∆J =−∂Π
∂a
(3.30)
within the FDZ the potential energy Π is considered as the interaction energy Πi nt
between the FDZ and the crack tip stress-strain field, i.e.,
Πi nt =−
∫
V
σ∗ε∗pl dV (3.31)
where σ∗ is the local cyclic stress amplitude and ε∗pl is the average accumulated plastic
strain.
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Ding [125] assumed that the local cyclic stress was uniform within the FDZ and σ∗ =
σ′p,M when the crack occurs, resulting in
Πi nt =−
∫
V
σ∗ε∗pl dV =−σ′p,M ·ε∗pl ·
∫
V
dV (3.32)
The interaction energy per unit size is measured along the direction perpendicular
to the crack plane. Subsequently, the interaction energy is calculated as
Πi nt =−σ′p,M ·ε∗pl ·S (3.33)
where S =pi ·
(
DF D Z
2
)2
, therefore,
Vi nt =−σ′p,M ·ε∗pl ·pi
(
DF D Z
2
)2
(3.34)
crack advance in the process zone, i.e.
∆J =−∂Π
∂a
=− ∂Π
∂DF D Z
=pi ·σ′p,M ·ε∗pl ·DF D Z (3.35)
The crack tip opening displacement directly relates to the cyclic J integral as:
∆J =ψ ·σ′p,C ·∆C T OD (3.36)
whereψ= 1−2; without a general loss,ψ is chosen to be 1.5, solving Eq.(3.36) for∆C T OD ,
results in
∆C T OD = ∆J
ψ ·σ′p,C
= 2
3
· ∆J
σ′p,C
(3.37)
substitute DF D Z in Eq.(3.27) and ∆J in Eq.(3.35) into Eq.(3.37), the ∆C T OD is deter-
mined
∆C T OD = λ ·pi
2 ·F 2 ·U 2
48C 2ε
·
(
n′+1
n′
)(
K ′
σ′p,C
)3
·
(
∆εpl
2
)3n′+1
·a (3.38)
in Eq.(3.38), the relationship between ∆C T OD and
∆εpl
2 is performed in the LCF
regime. In order to express the crack growth in the HCF regime (i.e. Basquin’s form:
d a
d N ∝ ∆σ2 ). The stress-plastic strain relation
∆εpl
2 =
( 1
K ′
) 1
n′ · (∆σ2 ) 1n′ is substituted into
Eq.(3.38). Consequently, ∆C T OD is stated in HCF as
∆C T OD = λ ·pi
2 ·F 2 ·U 2
48C 2ε
·
(
n′+1
n′
)(
1
σ′p,C
)3
·
(
1
K ′
) 1
n′ ·
(
∆σ
2
) 3n′+1
n′ ·a (3.39)
where
• U is the load ratio function,
344 3. METHODS
• σ′p,M is the cyclic yield strength of matrix,
• σ′p,C is the cyclic yield strength of bulk composites,
• F is the strengthening ratio, F =σ′p,C /σ′p,M ,
• n′ is the cyclic stress-strain hardening exponent of bulk composite,
• K ′ is the hardening coefficient of bulk composite,
Wu et al. [130] suggested that the behavior of an short crack is strongly influenced by
microstructural properties (matrix texture, particle/inclusion and volume ratio of parti-
cle/inclusion). The crack growth rate in this stage relates to the plastic zone at the tip of
the crack through
d a
d N
∣∣∣∣
msc/psc
∝∆C T OD (3.40)
This statement implies that the MSC and PSC stages in McDowell’s model [2] can
be computed by Ding’s model [125] modified by Eq.(3.39) which allows the short crack
growth rate to be determined from Eq.(3.40).
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Figure 3.6: Fatigue properties of material
There are some models that directly calculate the crack growth rate in stage II. Amongst
these, Kujawski’s model [131, 132] reigns supreme. In this model, the fatigue crack growth
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in stage II is determined from LCF properties, illustrated in Fig.3.6, including cyclic hard-
ening exponent n′, cyclic hardening coefficient K ′, fatigue strength coefficient σ′f , fa-
tigue strength exponent b, fatigue ductility coefficient ε′f , and fatigue ductility exponent
c. Since LCF tests are easy to conduct and LCF properties may also be estimated from
monotonic tensile tests, the stable crack growth prediction is usefully estimated. Li et al.
[3] extended Kujawski’s model in order to account for the effects of mean stress within
the process zone as well as microstructural features on the long crack growth (stage II).
The relationship between d ad N ,∆K and some fatigue properties was established based
on Li’s [3] work, expressed as follows
d a
d N
= 2 ·DF D Z ·
 ∆K 2−∆K 2th
4(n′+1) ·
(
σ′f −σ∗m
)
ε′f piE ·DF D Z
1/β (3.41)
where
• β=−(b+ c) is the power exponent,
• n′,σ′f ,ε
′
f ,b,c are the fatigue properties,
• E is Young’s moduli,
• ∆Kth is the threshold stress intensity factor,
• DF D Z is the size of the process zone (or so-called fatigue damage zone as in the
previous section),
• σ∗m is the local mean stress within the process zone DF D Z
Following part of this section, some steps are introduced relied on works of [3, 131,
132] to receive the relation in Eq.(3.41),
When a crack originates in a component under lower cyclic loading level (a small
scale yielding), at the tip of this crack cyclic stress ∆σ and cyclic strain ∆ε ranges are
related to the stress intensity factor according to Rice [129], i.e.,
∆σ∆ε= ∆K
2
(n′+1)piE · x (3.42)
where x is the distance from the crack tip to the considered point in the process zone
DF D Z .
Since plasticity dominates within the process zone, the elastic strain can be neglected,
resulting in ∆ε≈∆εpl , and ∆σ∆ε=∆σ∆εpl within the process zone DF D Z , thus,
∆σ∆εpl =
∆K 2
(n′+1)piE ·DF D Z
(3.43)
The effects of crack blunting ρc illustrated in Fig.3.7 together with the threshold of
stress intensity factor ∆Kth are considered. Consequently, the process zone DF D Z in
Eq.(3.43) is replaced by DF D Z +ρc , resulting in Eq.(3.44)
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Figure 3.7: Schematic of critical root radius ρc
∆σ∆εpl =
∆K 2
(n′+1)piE · (DF D Z +ρc )
(3.44)
The local stress and strain range at the tip of the crack are known with the relation
stress-life from Basquin equation [133]:
∆σ= 2σ′f · (2N f )b (3.45)
and the strain-life from Manson-Coffin equation [134, 135]:
∆εpl = 2ε′f · (2N f )c (3.46)
where 2N f is the number of reverse cycle to failure, and b and c are material constants.
If the effects of mean stress in the process zone DF D Z is taken into account, Basquin
equation is modified
∆σ= 2(σ′f −σ∗m) · (2N f )b (3.47)
multiplying both sides of Eq.(3.46) and Eq.(3.47), the product is estimated:
∆σ∆εpl = 4(σ′f −σ∗m)ε′f · (2N f )b+c (3.48)
Set β=−(b+c) and define N∗ as a number of cycles to fatigue crack growth through
the process zone, DF D Z , Eq.(3.48) is rewritten:
∆σ∆εpl
4(σ′f −σ∗m)ε′f
· (2N∗)β = 1 (3.49)
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The product ∆σ∆εpl in Eq.(3.44) is substituted into Eq.(3.49), resulting in
DF D Z +ρc = ∆K
2
4(n′+1) · (σ′f −σ∗m)ε′f piE
· (2N∗)β (3.50)
or
DF D Z = ∆K
2
4(n′+1) · (σ′f −σ∗m)ε′f piE
· (2N∗)β−ρc (3.51)
The crack growth rate d ad N per cycle is determined by
d a
d N
= DF D Z
N∗
= ∆K
2
4(n′+1) · (σ′f −σ∗m)ε′f piE
· (2N
∗)β
N∗
− ρc
N∗
(3.52)
when ∆K =∆Kth , induce d ad N ≈ 0; consequently, ρc is determined from Eq.(3.52),
ρc =
∆K 2th
4(n′+1) · (σ′f −σ∗m)ε′f piE
· (2N∗)β (3.53)
substituting Eq.(3.53) into Eq.(3.50), the process zone is calculated using
DF D Z =
∆K 2−∆K 2th
4(n′+1) · (σ′f −σ∗m)ε′f piE
· (2N∗)β (3.54)
in the next step, number of cycle for crack going through the process zone N∗ is esti-
mated. According to Li et al. [3], the crack blunting could also be calculated as follows
ρc =
∆K 2th
pi ·E ·σ′y
(3.55)
where σ′y is the cyclic yield strength of the bulk material.
comparing Eq.(3.53) and Eq.(3.55), results in,
∆K 2th
4(n′+1) · (σ′f −σ∗m)ε′f piE
· (2N∗)β = ∆K
2
th
pi ·E ·σ′y
(3.56)
and the number of cycles through the process zone can be calculated
N∗ = 1
2
·
[
4(n′+1) · (σ′f −σ∗m)ε′f
σ′y
] 1
β
(3.57)
From the relation d ad N = DF D ZN∗ , the crack growth rate in stage II is derived from Eq.(3.54)
and Eq.(3.57)
d a
d N
= 2DF D Z ·
[
σ′y
4(n′+1) · (σ′f −σ∗m)ε′f
] 1
β
(3.58)
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with
DF D Z =
∆K 2−∆K 2th
pi ·E ·σ′y
(3.59)
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Figure 3.8: Local cyclic stress at the crack tip for a global stress ratio R=0 [132]
There are two main parameters should be estimated when using Eq.(3.58) for the
crack growth estimation, including the mean stress σ∗m in the process zone and the
threshold of stress intensity factor range. Kujawski [132] proposed the approximations
for specific cases shown in Fig.3.8.
σ∗m =
σmax +σmi n
2
= σmax +R
∗
σσmax
2
= (1+R
∗
σ)σmax
2
(3.60)
where σmax is the maximum stress in the process zone, σmi n is the minimum stress in
the process zone, and R∗σ is the stress ratio in the process zone.
σmax =σ′y ·
[
K 2max
(n′+1)σ′2y ·DF D Z
] n′
n′+1
(3.61)
From Fig.3.8 the mean stress changes; its value belongs to the regions.
• when DF D Z >Dm :
R∗σ =R (3.62)
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where R is the applied load ratio.
• when Dc ≤DF D Z ≤Dm :
R∗σ = R¯σ+
log (DF D Z )− l og (Dc )
l og (Dm)− log (Dc )
· (R− R¯σ) (3.63)
• when DF D Z <Dc :
R∗σ = R¯σ+
Dc −DF D Z
Dc
· (1− R¯σ) (3.64)
where R¯σ = 1−2
[
(1−R)2
4
] n′
n′+1 .
The monotonic plastic zone Dm at the maximum load is calculated as
Dm = 1
(n′+1)pi ·
[
Kmax
σ′y
]2
(3.65)
and the cyclic plastic zone Dc is expressed
Dc = 1
4(n′+1)pi ·
[
Kmax
σ′y
]2
(3.66)
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Figure 3.9: Effect of load ratios on long crack growth [25]
The threshold stress intensity factor ∆Kth was approximated by Li et al.[3] as follows
∆Kth = 2σ′y ·
√
pi · ls (3.67)
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where ls is the characteristic length of microstructural features. In Li’s work [3], the au-
thors chose ls as the lath width of martensitic steel.
For particle reinforced MMCs, Li et al.[136] gave the approximation of ∆Kth as
∆Kth = (1−R) ·σ′p,M
√
2Sp (3.68)
where R is the load ratio, σ′p,M is the cyclic yield strength of the metal matrix, and Sp is
the average distance between particles.
In short, the crack growth rate in stage II (long crack) can be determined using Li’s
model in which microstructural features and load ratio are considered; In fact, Newman
[25] found that the effects of load ratios on long crack growth strongly affect the stress
intensity factor threshold ∆Kth illustrated in Fig.3.9. Based on this conclusion, the role
of the mean stress in the process zone,σ∗m , on long crack growth can be omitted similarly
in Kujawski’s work [131]. Consequently, the load ratio only influences the threshold of
the stress intensity factor of long crack, i.e. ∆Kth . Therefore, the law for long crack growth
is simplified as follows:
d a
d N
∣∣∣∣
l c
= 2 ·DF D Z ·
[
σ′p,C
4(n′+1) ·σ′f ·ε′f
] 1
β
(3.69)
with
DF D Z =
∆K 2−∆K 2th
pi ·E ·σ′p,C
(3.70)
in which the threshold of stress intensity factor for long crack as a function of load ratio
and mean free path of particles in a particle reinforced composite as in Eq.(3.68). Notice
that σ′p,C in Eq.(3.69) is the cyclic yield strength of the bulk composite.
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As aforementioned, experimental observations of fatigue crack mechanisms of tool steels
clearly demonstrate that microstructural features and load ratios influence the fatigue
behavior of these materials. So far, the relation in quantity has not been expressed ex-
plicitly. Therefore, in this thesis a multistage fatigue model was modified for carbide-rich
tool steels in order to consider the indicated effects on the lifetime of tool steels.
The steps to achieve this modification are outlined as follows:
• A fatigue crack nucleation (incubation) occurs at a meso-level. RVE was used for
the simulation of fatigue crack incubation. The RVE generated contains carbides
embedded in the martensitic matrix. By FEAs of the RVE model, the influences
of characteristic parameters of carbides such as shape, size, distance to the free
surface, and volume fraction on fatigue crack incubation are considered.
• Regarding short crack growth, Ding’s model [125] is modified in order to determine
the fatigue behavior of the materials in short crack growth stage, i.e. MSC and
PSC stages. The relation between microstructural features of primary carbides and
short crack growth was explicitly performed.
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• For long crack growth, Li’s model [3] is used; the relation between the crack growth
rate with applied stress amplitude is easy to form using the data from LCF experi-
ments, which might reduce the efforts necessary for the estimation of fatigue crack
growth.
Consequently, a multi-scale model for fatigue of carbide-rich tool steels has been devel-
oped based on a multistage fatigue model.

4
MULTI-SCALE MODEL FOR FATIGUE
IN CARBIDE-RICH TOOL STEEL
A multi-scale model for fatigue behavior of carbide-rich tool steel was established by
modification of the MSF model of McDowell [2], as illustrated in Fig.4.1. Since the MSF
model takes into account most features of fatigue crack mechanisms, the modification
of this model does not only inherit the intrinsic advantages, but also reduce its disad-
vantages, thereby providing a powerful new tool for fatigue lifetime prediction.
Incubation (nucleation) short crack (MSC/PSC) long crack (LC)
5 m
crack length: 
carbide carbide
inc carbide
D Da 0.625 D
2 8
   
lifetime: 
 inc incC 2N

 
crack length: 
sc inca a 500 m  
lifetime: lifetime: 
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 th
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da CTOD CTOD
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   
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Figure 4.1: Multistage fatigue model according to McDowell [2] with pictures extracted from [137]
The basic idea of the MSF model is that the total lifetime of a structure is equal to
sum of the periods of fatigue crack incubation, short crack and long crack growth. In
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order to apply this model to carbide-rich tool steel, the fatigue crack in each stage was
analyzed; subsequently, the fatigue behavior was explicitly expressed in the relation with
microstructural features of tool steels.
4.1. INCUBATION LIFE
In carbide-rich tool steel, primary and eutectic carbides play a very important role in
fatigue crack formation and early growth, which can be pointed out in the literature such
as
Berns et al. [55] stated that the fractures in large primary carbides in AISI D2 type
tool steel were the origin of fatigue cracks. Furthermore, the authors pointed out that
the formation of fatigue crack causes by the stress concentration induced by the combi-
nation of carbide fracture and matrix de-bonding existing at the free surface or nearby
arranged carbides.
Sohar [46] highlighted that fatigue crack nucleation in AISI D2 type tool steel is mainly
observed near alloyed carbides and carbide clusters located in the interior and on the
surface of a component. When a large single carbide locates close to each other produc-
ing the highest stress concentration which might drive fatigue crack formation. Conse-
quently, hard carbides always induce the crack origins, rather than de-cohesion with the
matrix.
Broeckmann et al.[43] and Picas [70] also showed that in conventional ingot metal-
lurgy and forged grades of tool steel subjected to cyclic loading, cracks usually originate
from larger carbides or inclusions.
Therefore, primary and eutectic carbides in carbide-rich tool steel control fatigue
crack formation. In tool steels, carbides are found in eutectic networks surrounding
metal cells (in cast-grade) or as band-like fashion (in forged tool steel) [43]. Locally due
to constraint effects the yield strength in the carbide-rich region is high compared to the
carbide free area. The incompatibility in deformation between carbides and its neigh-
bors causes a local plastic zone formation even when the cyclic loading is smaller than
the yield strength of the material at a macro-scale. This is the main reason for fatigue
crack formation/nucleation in tool steels in the HCF regime.
McDowell et al. [2] originally developed the relationship between microstructural
features of Al-alloy and a driving force of fatigue crack incubation, i.e. a cyclic plastic
shear strain range in micro-scale with inclusions or pores in cast and forged Al-alloys.
Based on this model, the relationship between crack formation and carbide properties,
the relationship between Fatemi-Socie parameter and Manson-Coffin law, was gener-
ated.
The Fatemi-Socie parameter ∆Γ related to Manson-Coffin’s law is used to estimate
the number of cycles to fatigue crack incubation Ni nc , expressed in Eq.(2.39) rewritten
as
∆Γ=Ci nc (2Ni nc )α
where α and Ci nc are material dependent parameters
According to Shenoy et al. [30], the exponent α is actually estimated by using a re-
gression fit of experimental data in which Manson-Coffin law is satisfied, i.e. in LCF. The
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incubation life Ni nc in this case was assumed to be 2% of the life of fatigue crack initia-
tion, i.e. sum of Ni =Ni nc+Nmsc/psc . Notice that the definition of fatigue crack initiation
essentially indicates a small crack length < 1mm. The coefficient Ci nc is also estimated
by fitting the life of fatigue crack initiation in the case of a center cleaved particle un-
der amplitude strain εa = 1% and Rε = −1; and then ∆Γ is the Fatemi-Socie parameter
determined by FE-RVE analysis.
■ Following sections are the layout for estimating incubation life:
4.1.1. HIERARCHICAL MODEL FOR FINITE ELEMENT ANALYSIS (FEA)
110
R75
10
2
5
1
5
R3
Figure 4.2: Dimension of fatigue specimen [71] using for FEA hierarchical model
Shiowaza et al. [61] and Sohar [46], investing fatigue crack nucleation in high-strength
steels and high speed steels, respectively, found that fatigue crack formation usually oc-
curs at small defects (i.e. cleaved or de-bonding carbide/inclusion) on or near the sur-
face of the materials at a low stress amplitude level; consequently, a 2D RVE with periodic
boundary conditions can be used for simulating and FE-analysis of this stage.
At first remote cyclic loading (macro cyclic loading amplitude) is applied on fatigue
specimen with dimensions illustrated in Fig.4.2. Obviously, this remote cyclic loading
can not directly be applied for RVEs; therefore, applied load on RVEs should be inter-
polated from the macro-scale based on the homogenization theory, this relation is per-
formed in Fig.4.3, so-called the FEA hierarchical model. Note that the dimension L of
RVE model is calculated from volume fraction of carbides and it should satisfy the con-
dition L ≥ (2−8)Dp [116]. The remote cyclic strain was defined εa = ε0 sin(ω · t ) in which
the strain amplitude ε0 is in the rage 0.1÷1.0% when HCF is considered. Let the load ratio
Rε be equal to -1, and the frequencyω equal to 20pi(H z). Note that Rε=-1 andω=20pi(H z)
retain for most of simulation tasks throughout this thesis. A Gaussian point in the hot-
spot elements at macro-scale was extracted to generate RVE. The strain at the micro-
scale is taken out from the strain histories at macro-scale at the Gaussian point, which
is considered as input parameter for the RVE model. By using the least squares method,
the relation between macro and micro strain amplitude can be determined shown in
Eq.(4.1) and in Fig.4.4.
εa,mi cr o = 0.0044exp
(
188.63εa,macr o
)
(4.1)
where εa,mi cr o is cyclic strain amplitude which is used for calculating displacements ap-
plied on RVE model (i.e. Uappl . = L ·εa,mi cr o) as being shown in Fig.4.5 and εa,macr o is
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Figure 4.3: Relationship between macro and micro scale in FEM modeling
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Figure 4.4: Relationship between macro strain and micro strain amplitude
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cyclic strain amplitude, which is applied on a component/specimen. Subsequently, the
cyclic loading amplitudes acting on RVE model are determined in Eq.(4.1), which corre-
sponds to remote cyclic loading at macro-scale.
Note that Brondsted [138] has provided the mechanical properties of PM ASP 23
(equal to M3:2 tool steel produced by PM-HIP) in both static and cyclic loading. How-
ever, the mechanical properties of cast and forged M3:2 tool steels have been rather dif-
ficult to obtain from the literature as well as the experimental sites so far; consequently,
these mechanical properties from Brondsted’s work in Tab.4.1 and Tab.4.2 are extremely
valuable for studying mechanical behavior of other tool steel grades, i.e. cast and forged
M3:2 tool steels.
Table 4.1: Static Mechanical properties of PM ASP 23 tool steel[138]
Material Hardness [HRC] E [GPa] ν [-] σ′y [MPa] σ′ f [MPa] σul t [MPa] ε f [%]
ASP23 59 223 0.3 2070 2484 2450 1.4
Table 4.2: Cyclic Mechanical properties of PM ASP 23 tool steel [138]
Material Ce,ε0 Ce,εm b Cp c K
′ [MPa] n′
ASP 23 1.0639 -0.1376 -0.0576 0.7343 -0.407 5693 0.155
Actually, data in Tab.4.2 is defined for the modified Manson-Coffin equation, i.e.,
εa =
(
Ce,ε0 +Ce,εm ·εm
) · (2N f )b +Cp,ε0 · (2N f )c (4.2)
where εa is the strain amplitude, 2N f is a number of reverse cycle to failure, b is the
fatigue strength exponent, c is the fatigue ductility exponent, Cp,ε0 (so-called ε
′
f ) is the
fatigue ductility coefficient, Ce,ε0 is fatigue strength coefficient, Ce,εm is fatigue strength
coefficient affected by mean strain, and εm is the mean strain. In this study, Eq.(4.2) was
used for calculating the total lifetime of tool steels, supporting for the validation of the
proposed model.
4.1.2. RVE MODELS AND THEIR BOUNDARY CONDITIONS
Carbide-rich tool steel predominantly contains primary and eutectic carbides and in
some cases the material even contains non-metallic inclusions and pores; however, by
using electro slag remelting technique the impurities can be eliminated. Subsequently,
these primary carbides (M6C and MC) dominate in this type of tool steel [46]. Several
following assumptions were implemented to generate RVEs of tool steels including the
connection between carbides and matrix is assumed to be perfectly bonded; the carbide
phase is considered to be fully elastic and brittle; the martensitic matrix phase is elastic-
plastic in the combination of nonlinear iso-kinematic hardening stress flow; the volume
fraction in the RVE corresponds to those of carbides (≈ 10%) in M3:2 tool steels; whereas
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shape, ratio aspect and clustering of carbides might be varied. Cyclic strain level and
periodic boundary conditions (PBCs) are also applied for FE-RVE analysis.
A
B
CD Ux,appl.
Uy, appl.
X
Y
12
21
22
11
Figure 4.5: RVE model with the PBCs [139]
As aforementioned, a RVE is a representative of actual composite structure and the
compatibility of the deformation stresses and strains is required; actually, this require-
ment can be done by the homogenization theory. In this study, the periodic bound-
ary conditions performed in Eq. (3.3) or Eq. (3.5) which was implemented by Jia et al.
[140, 141] and Kumar et al.[139] were introduced. According to these conditions, the
macroscopic strain fields are translated into essential boundary conditions in terms of
the vertex displacements of the meso-level RVE cell illustrated in Fig.4.5 and in Eq. (4.3)
ux |Γ12 − ux |Γ11 = 0
uy
∣∣
Γ12
− uy
∣∣
Γ11
= uy
∣∣
C
ux |Γ22 − ux |Γ21 = ux |C
uy
∣∣
Γ22
− uy
∣∣
Γ21
= 0 (4.3)
where u|Γi j is the displacement vector associated with the part of the boundary, Γi j and
u|A , u|B , u|C and u|D are displacement vectors associated with the vertices A, B and D,
respectively. In addition, the following boundary conditions are applied at vertices A, B,
C and D:
ux |A = uy
∣∣
A = ux |B = ux |D = 0;
ux |C = Ux |appl .; uy
∣∣
C = Uy
∣∣
appl . (4.4)
Eq.(4.3) and Eq.(4.4) are called double periodic boundary conditions.
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Figure 4.6: PBCs implemented in ABAQUS a) RVE model with PBCs; b)RVE model with simplified PBCs
The PBCs in Eq.(4.3) and Eq.(4.4) can be executed by *EQUATION option in ABAQUS
solver [120]; for example, illustrated in Fig.4.6a), only the displacement at node C in y-
direction (Uy
∣∣
appl .) is applied to the BCs of RVE model because the fatigue specimen
was subjected to uniaxial tensile loading in Fig.4.3.
According to Shenoy [30], the PBCs are used when the size of RVE is relatively small.
Moreover, in case RVE size is large, the periodic boundary conditions might be simplified
based on homogeneous theory; for example, cyclic displacement loading in Y direction
uy = Uy
∣∣
appl ., the PBCs in Eq.(4.3) and Eq.(4.4) may be simplified by setting displace-
ments at edge Γ11 = 0 and ux |C = 0. This simplification results in,
ux |Γ12 = 0
uy
∣∣
Γ12
= uy
∣∣
C
ux |Γ22 − ux |Γ21 = 0
uy
∣∣
Γ22
− uy
∣∣
Γ21
= 0 (4.5)
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and
ux |A = uy
∣∣
A = ux |B = ux |D = 0;
ux |C = 0; uy
∣∣
C = Uy
∣∣
appl . (4.6)
The simplified PBCs in Eq.(4.5) and Eq.(4.6) were applied to RVE models; for example,
the result of simulation with the simplification type of PBCs is shown in Fig.4.6b).
The simulation results between normal PBCs and simplified PBCs is illustrated in
Fig.4.6, which implies that there is no big discrepancy between them; consequently,
throughout this thesis the simplified PBCs are used for FE simulation with RVE models.
4.1.3. MESH SIZE SELECTION FOR AN RVE MODEL
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Figure 4.7: Relationship between equivalent stress and element size
The mesh size strongly affects the results of an FEA because decreasing element size
leads to an increasing in the fatigue damage parameter, the Fatemi-Socie parameter ∆Γ.
Element sizes of 0.05, 0.1, 0.2, 0.3, 0.4, 0.5 µm were used for the micro-scale analyses in
order to find out what element size was suitable for the FEAs of RVEs. The equivalent
stress in the hot spot area near the boundary between a carbide and matrix phase of
the RVE was calculated. Based on the convergence of the von Mises stress presented in
Fig.4.7, the element size of 0.1 µm was selected for all simulations of RVEs throughout
this thesis; besides, a non-local volume average was also used for removing the depen-
dency of stresses and strains on the mesh.
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4.1.4. THE CYCLE LOOP FOR DETERMINING FATIGUE CRACK INCUBATION
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Figure 4.8: Cycle loop for finite element analysis in case εa = 0.3%
Cyclic stabilization of metals is widely analyzed in literature. The earlier mentioned
characteristics are determined in stress (Wöhler and Basquin curves also referred as S-N
curves) or strain approach (Manson-Coffin referred as ε-N curve). Practically S-N curves
are used in high cycle fatigue (HCF) studies, where elastic strains of the material are
dominant in the area of fatigue cracks initiation. On the other hand, ε−N curve is ap-
plied for the low cycle fatigue (LCF) studies, where plastic strains are dominant in the
crack area. In order to determine cyclic properties of S-N or ε-N curves, stabilization of
stress-strain under constant load amplitude is the general assumption considered in lit-
erature. In this study, Manson-Coffin law is used to predict fatigue crack incubation by
FEM simulation based on the local cyclic stress-strain response. Hence, cyclic stability of
stress-strain relation is applied in the FEM simulation in order to determine the fatigue
damage parameters (Fatemi-Socie parameter) corresponding to the experimental obser-
vations. For that reason some authors including [20, 24, 142] made such a statement that
"the crack is formed after the hysteresis loop is stable" which was an assumption based
on S-N or ε-N to estimate crack initiation of a structure/component under cyclic load-
ing after the stabilization of the hysteresis. By doing so, it is not possible to consider the
failure of a material before the stabilization however for clarity once again it should be
highlighted that this is just an assumption for the calculation of the damage parameters,
i.e. the fatigue damage indicator (e.g. FS or SWT parameter) is often computed when the
hysteresis loop is stable [142].
As aforementioned, cylic behavior of martensitic matrix is described by the combi-
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nation of nonlinear iso-kinematic hardening law, introduced from Eq.(3.6) to Eq.(3.11),
which is available in ABAQUS/STANDARD. The material parameters for this model is
given in Tab.3.3. From FE-analysis of the RVE with simplified PBCs, it is easy to observe
that the stress and strain hysteresis (σ22−ε22) in the Y direction is stabilized within the
3r d cycle, illustrated in Fig.4.8. Consequently, over the the 3r d cycle stress and strain
histories are chosen for estimating the Fatemi-Socie parameter.
4.1.5. INFLUENCE OF THE CARBIDE SHAPE ON FATIGUE CRACK INCUBA-
TION
a) b)
d)c)
20 m
2
0
m
Figure 4.9: Shape of carbides in RVE model: a) circular; b)dog-bone; c) polygonal; d) elliptical
Antretter and Fischer [34] investigated the effects of different carbide shapes on crack
formation in uniaxial monotonic loading. The authors proposed that there are 4 primary
carbide shapes including circular, dog-bone, polygonal and elliptical shaped in M-type
of carbide-rich tool steel as shown in Fig.4.9. They announced that polygonal and dog-
bone shaped carbides were easily damaged due to higher stress concentrations com-
pared to other shapes. For that reason, these typical shapes of carbides should be taken
into account when generating an RVE model under cyclic loading in this research.
In each RVE, the microstructural features of carbides in Tab.3.2 were used includ-
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ing carbide volume fraction Vp occupies 10% of the RVE volume, average diameter of
carbide Dp = 4µm, mean free path Sp , and carbide area Acar bi de =
piD2p
4 ; these parame-
ters are considered as typically microstrural features of primary and eutectic carbides in
carbide-rich tool steels. Thus, RVEs containing shapes of primary carbides were gener-
ated as illustrated in Fig.4.9 in order to investigate the effects of carbide shape on fatigue
crack formation.
Local plastic 
zone
a)
uy
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uy
Figure 4.10: RVE with a center-cracked carbide: a) circular; b) dog-bone in case of remote strain loading
εa = 0.7%
In reality there are 3 cases of carbide failures under cyclic loading, being perfectly
bonded, partially de-bonded, and cracked (cleaved/broken) carbides. By observations
in monotonic and cyclic loading for fracture and fatigue formation of M-type of tool
steels, Berns et al. [55], Meurling [44], Mishnaevsky et al. [35] and Sohar [46] claimed
that a crack originally forms from a largely broken carbide, then it propagates into the
martensitic matrix. That means that a cracked carbide originates fatigue crack nucle-
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ation, so the RVE with a cracked carbide was built in order to compute the coefficient for
a modified Manson-Coffin equation in Eq.(2.39); then lifetime of fatigue crack incuba-
tion can be estimated.
Local plastic 
zone
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uy
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uy
Figure 4.11: RVE with a center-cracked carbide: a)polygonal; b)elliptical in case of remote strain loading
εa = 0.7%
Regarding to above features, RVEs with 4 types of carbides were generated; every pri-
mary carbide has the same area, i.e. Acar bi de = 40.69
(
µm2
)
corresponding to a volume
fraction of Vp = 10%. RVE sizes in these cases are calculated from the volume fraction of
carbides, i.e L =√10Acar bi de ≈ 20µm. An artificial crack (cleavage) was created through
the center of the carbide and perpendicular to the loading direction. The result of RVE
models containing a broken carbide (a cleaved carbide) together with local plastic zones
are shown in Fig.4.10 and Fig.4.11 in which equivalent plastic strain (PEEQ) is presented
after 3r d cycle.
To evaluate cyclic plastic deformation at the micro-notch root of a discontinuity, lo-
calized regions with high plastic strain gradients were considered. In other words, any
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fatigue damage indicator (the driving force) associated with cyclic plasticity at the dis-
continuity should be described by a non-local averaging procedure, avoiding the de-
pendency of stresses and strains on the mesh. Note that a local plastic zone is the area
bound to the elements which own equivalent plastic strain at element nodes over 0.01%.
The non-local average process was fully described in Shenoy [30] and Xue’s work [31]; in
this thesis, the non-local plastic zone are defined; for example, in case of remote strain
loading εa = 0.7%, the local plastic zones are performed in Fig.4.10 and Fig.4.11.
The parameter averaging process (so-called a nonlocal volume average) can be writ-
ten as:
Ω= 1
VΩ
∫
VΩ
Ω′dV (4.7)
where Ω is the average parameter over the local plastic zone. For example, the compu-
tation of cyclic plastic shear strain over non-local plastic zone is defined,
∆γ
p∗
max =
1
VΩ
∫
VΩ
∆γ
p
maxdV (4.8)
pure torsion
microcrack
max
max
max
Figure 4.12: Pure torsion law for micro-crack formation
Actually, the use of the critical plane has the advantage that it can not only be used
for fatigue life, but also for crack formation. In case of an RVE containing a cracked
particle/inclusion, several authors [2, 30, 31] stated that the fatigue damage parameter
that controls microcrack growth is the cyclic plastic shear strain range (∆γ
p∗
max
2 ), illustrated
in Fig.4.12. For the computational process of the cyclic plastic shear strain range on the
critical plane, the procedure is outlined as follows:
(i) RVE model containing a cracked carbide is generated, and the pair of cracked sur-
faces is assumed to slide relatively to each other without penetration. These conditions
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are realized by setting the contact option with a penalty function in ABAQUS[120]. The
boundary conditions between the cracked carbide and the matrix are defined as per-
fectly de-bonded, and the *tie option in ABAQUS can be used for this condition.
(ii) The local plastic zone, consisting of the elements with equivalent plastic strain
(PEEQ) at nodes greater than 0.01%, is identified. Its size is approximately 1% of the area
of primary carbide in the RVE, shown in Fig.4.10 and Fig.4.11.
(iii) FEAs for the RVEs are conducted
(iv) The strain histories from RVE simulation are obtained; then Fatemi-Socie pa-
rameter on the critical planes are calculated. Note that the cyclic plastic shear strain
range on the critical plane is calculated over the 3r d cycle (the stabilized hysteresis loop)
are used for calculating average stress and strain histories over the local plastic zone by
Eq.(4.7) and Eq.(4.8); and the FS parameter ∆Γ is calculated followed some steps based
on [143, 144]:
Figure 4.13: Normal and shear plastic strain on candidate plane
step 1: Chose a reference history point t∗ in the 3r d cycle
step 2: Calculate the relative values of strains for all history points over the 3r d cycle,
which corresponds to the reference history point t∗ as in Eq.(4.9).
∆εIpl ,i j = εtIpl ,i j −εt
∗
pl ,i j (4.9)
where εtIpl ,i j and ε
t∗
pl ,i j are the historical plastic strain at time tI and the plastic strain
at reference time t∗ within the 3r d cycle, respectively; the index of strain component
i , j = 1,2 and the index of time increment I .
step 3: Calculate normal plastic strain εpl ,n and shear plastic strain γpl ,n on the can-
didate plane (see Fig.4.13) using strain tensors as follows:
εIpl ,n = ∆εIpl ,x sin2ϕ+∆εIpl ,y cos2ϕ−∆γIpl ,x y sinϕcosϕ (4.10)
γIpl ,n = 2
√
(εIR,pl )
2− (εIpl ,n)2 (4.11)
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where
εIR,pl =
√
(εIR,x )
2+ (εIR,y )2 (4.12)
εIR,x = ∆εIpl ,x sinϕ−
1
2
∆γIpl ,x y cosϕ (4.13)
εIR,y = −∆εIpl ,y cosϕ+
1
2
∆γIpl ,x y sinϕ (4.14)
in which ϕ varies from 0o to 180o .
step 4: Calculate maximum cyclic plastic shear strain ranges on the candidate critical
plane at each time increment tI
∆γ∗p
2
tI
=
γI ,maxpl ,n −γ
I ,mi n
pl ,n
2
(4.15)
step 5: Find the maximum of cyclic plastic shear strain ranges ∆γ
p∗
max
2 from the set of
candidate critical planes over 3r d cycle based on Eq.(4.16)
∆γ∗max,p
2
=max
(
∆γ∗p
2
t1
,
∆γ∗p
2
t2
, ...,
∆γ∗p
2
tI
)
(4.16)
step 6: The steps 1 to 4 are repeated by switching the reference point t∗ for all of the
historical points over the 3r d cycle.
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Figure 4.14: Maximum of cyclic plastic shear strain range in the RVE model with a cracked carbide in
case of εa = 0.4%
(v) The maximum value of cyclic plastic shear strain ranges is calculated by Eq.(4.17)
∆γ
p∗
max
2
=max
(
∆γ∗max,p
2
)
=max
[
max
(
∆γ∗p
2
t1
,
∆γ∗p
2
t2
, ...,
∆γ∗p
2
tI
)]
(4.17)
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and finally, the Fatemi-Socie parameter for the case of pure cyclic plastic shear range
driving force for early short crack propagation is expressed in Eq.(4.18)
∆Γ= ∆γ
p∗
max
2
(4.18)
For example, the results of ∆γ
p∗
max
2 from the simulations in the case of εa = 0.4% per-
formed in Fig.4.14 shows that an elliptically cracked carbide posses highest value of
∆γ
p∗
max
2 ; whereas, the circular one gives the smallest value of
∆γ
p∗
max
2 .
4.1.6. DETERMINING THE COEFFICIENTS FOR THE MANSON-COFFIN EQUA-
TION
Based on the simulation results of RVEs with cracked carbides, the RVE model with
an elliptical-cracked carbide provides the highest value of ∆γ
p∗
max
2 , illustrated in Fig.4.14.
Therefore, the RVE with the elliptical-cracked carbide is used for determination of the
fatigue incubation coefficient of cast and forged M3:2 tool steel.
The non-local maximum cyclic plastic shear strain amplitude ∆γ
p∗
max
2 was used to es-
timate a number of cycles to form and propagate for very small crack length, Ni nc . The
cyclic plastic shear strain range at the notch-root was calculated from Manson-Coffin’s
law as in Eq.(2.39). For the calculation of the incubation life, the parameters (α and Ci nc )
in Eq.(2.39) should be determined. The process of these calculations are outlined as fol-
lows:
step 1: The exponent α in Eq.(2.39) is estimated using a regression fit of the macro-
scopic plastic shear strain versus fatigue crack initiation life data in uni-axial fatigue ex-
periments under (Rε = −1), which the Coffin-Manson law is satisfied. That means the
exponent α is estimated using a regression fit of LCF experiments. Based on the results
of fatigue experiments for ASP23 tool steel in Brondsted’s work [138], the value of the ex-
ponent α is -0.407; this value actually corresponds to the fatigue ductility exponent c of
this tool steel.
step 2: The incubation life Ni nc is often assumed to be 2% of the lifetime of fatigue
crack initiation, Ni = Ni nc +Nmsc/psc , in high strain amplitude (LCF) because Ni domi-
nates in the LCF regime in short crack growth. Notice that the definition of fatigue crack
initiation life is based on different final crack lengths that are all relatively small (≤ 1mm).
From the RVE model with the elliptical-cracked carbide subjected by cyclic strain loading
εa = 1% with Rε =−1, the value of maximum cyclic plastic shear strain range,∆Γ= ∆γ
p∗
max
2 ,
was equal to 0.422, corresponding to the number of cycles to incubation Ni nc = 2(cycles).
step 3: The coefficient Ci nc was estimated by substituting the initiation lifetime Ni nc =
2 (cycles) and cyclic plastic shear strain range ∆Γ=0.422 into Eq.(2.39), resulting in the
value of the coefficient, Ci nc , to be 0.56.
4.1.7. THE LIMIT OF REMOTE STRAIN FOR FATIGUE CRACK INCUBATION
It is known that the cyclic plastic shear strain range within the local plastic zone is the
driving force for fatigue crack incubation. However, the ratio of the local plastic zone size
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Figure 4.15: Local plastic zone at the micro crack tip in case of remote strain loading εa = 0.7%
to the equivalent size of the carbide, `/D in Eq.(4.19) in which ` =√Alocal _pl ast i c_zone
and D =√Acar bi de (the definition of this ratio illustrated in Fig.4.15), is also a critical
value for fatigue crack incubation because it determines whether the effect of the micro-
notch root on the crack incubation occurs or not [2].
η= `
D
=
√
Al ocal _pl ast i c_zone
Acar bi de
(4.19)
McDowell et al. [2], Shenoy et al. [30] and Xue et al. [31] stated that if the ratio
`/D is very small, i.e. `/D ¿ 1, crack formation and very short growth are governed
by the local plastic zone and fatigue crack incubation is driven by cyclic plastic shear
strain. In contrast when `/D > 1, fatigue crack formation and early growth are governed
by macroscopic yield; that means the micro-notch root due to the carbide crack has
no effects on fatigue crack incubation. The behavior of fatigue crack incubation in this
case is considered to be small crack governed by macro-plasticity. The non-dimensional
parameter `/D is a function of the far-field strain amplitude and it is calculated at the
end of the stabilized hysteresis loop (3r d cycle). Within the limit `/D ¿ 1, the fatigue
crack incubation depends on the ratio `/D and cyclic loading amplitude, expressed as
follows
• if 0< `D ≤ ηlim, the fatigue crack incubation predominantly exists due to the micro-
notch root effect.
• if ηlim < `D ≤ 1, the fatigue crack incubation quickly transfers into the short/small
crack stage. That means crack propagation throughout the whole microstructure
is governed by macroscopic plasticity.
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Figure 4.16: Relation between l /D and the remote cyclic loading expressed in axial strain amplitude εa
In Fig.4.16 the relation between the ratio `D and the far field cyclic strain amplitude
in the range of εa = 0.1÷1.0% are performed for the case Rε = −1. The value of ηlim is
found at the intersection of the linear and non-linear function of far field cyclic strain
amplitude corresponding to `D . The results illustrated in Fig.4.16 have been obtained
based on the RVE-studies described in paragraph (4.1.5) assuming an elliptical carbide.
By using the least squares method, the relation between `D and εa in the range of
εa ≤ 0.8% is `D = 59.93εa −0.0176 ; whereas, for εa > 0.8% it is `D = 427.78(εa)1.415. The
parameters εth and εper are the limit values of failure due to the infinite life and the limit
of cyclic plastic shear strain range driving fatigue crack incubation in HCF regime, re-
spectively. That means if εa < εth , there is no effect of cyclic plastic shear strain within
the micro-notch root on the fatigue crack incubation (no fatigue failure occurs). This
limit is called un-constraint with respect to fatigue crack incubation. The value εper
shows the constraint between crack incubation and the effects of the micro-notch root.
That means in the range of εth ≤ εa ≤ εper cyclic plastic strain ahead of the micro-notch
root drives fatigue crack incubation (or initiation of short crack growth). Beyond this
limit, εper , macroscopic yield stress flow controls the short crack growth. When an incu-
bation fatigue crack overcomes the limit of the local plastic zone size, it is considered as a
short crack and it relies on microstructural features as well the stress intensity threshold.
In short, the value of εth = 0.05% from simulation result implies that no fatigue fail-
ure occurs when εa ≤ εth . However, in experimental work for fatigue behavior M3:2 tool
steel Berns et al. [36] and Brondsted et al. [138] pointed out that the stress threshold
is ∆σo=1600MPa, correspoding to the remote strain amplitude εa = 0.3%. Therefore, in
this thesis εth is chosen to be 0.3% and the values of far-field cyclic loading amplitude
for RVE simulation is in the range of εth = 0.3%≤ εa ≤ εper = 0.8%.
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4.2. SHORT CRACK GROWTH
The fatigue crack initiation life is the sum of the lifetime of crack incubation and the
short crack propagation up to a predefined crack length, in general case ≤ 0.2−1mm. In
theory as well as experimental, for HCF crack incubation life occupies ≤ 10% of the total
life N f , and the initiation life holds about 90-98% of N f ; whereas, in LCF the incubation
life occupies 0.2% of N f , and the rest left is for short crack growth [30, 145]. This shows
the important role of short crack propagation in both HCF and LCF. The initial length of
crack formation (so-called non-propagation stage) is taken to correspond to a crack that
is given by, ai nc = cs+0.125Dp , where cs is the surface crack; in this case cs is equal to the
major axis radius of the particle/carbide, cs = 0.5Dp and Dp is the equivalent diameter
of the particle/carbide defined in Eq.(4.20). That means the crack initiation length ai
sums up ai nc and amsc/psc or (asc ) up to 200-1000µm. This definition clearly classifies
the incubation, short crack, and initiation lifetime.
Dp =
√
4Acar bi de
pi
(4.20)
According to Wu et al. [130] and McDowell et al. [2], the short crack growth stage con-
sists of microstructurally and physically short crack. It is noted that short cracks usually
show lower threshold levels and higher propagation rates than long cracks for compa-
rable an applied driving forces (∆K ). The short crack can be defined by the crack with
its length in the range of 0.1-1mm for structural steels [28, 57–60], but the shorter of this
range is for the tool steel.
As aforementioned, Ding et al.[125] developed a model to characterize fatigue be-
havior of particle reinforced metal matrix composites under cyclic loading. This model
shows excellent validity not only for high strain dominated LCF, but also for the HCF
regime and allows easy implication due to the minimum amount of required experi-
mental parameters necessary to obtain good results. The advantage of this model is that
it takes into account the influence of microstructural features of the particle reinforced
metal composite such as shape ratio, particle volume fraction, and particle-matrix in-
teraction on the fatigue behavior for both HCF and LCF. Tool steel at macro-scale is
homogeneous material; however, at micro-meso scale it can be considered as particle
reinforced MMCs. Consequently, Ding’s model can be implemented for the short crack
growth stage in tool steel. In this model, the short crack growth rate is taken proportional
to crack tip opening displacement, i.e. d ad N
∣∣∣
sc
∝∆C T OD . In turn ∆C T OD is calculated
based on Eq.(3.39) in which F = σ′p,C /σ′p,M was defined as the strengthening ratio of
particle reinforced composite will be evaluated in following sections.
4.2.1. SHEAR LAG MODEL FOR PARTICLE REINFORCED COMPOSITES
The strengthening ratio F in Eq.(3.39) must be determined for short crack law in com-
posite materials since this parameter is considered as a main part of the driving force for
crack growth under cyclic loading in particle reinforced composites.
In general, the strength ratio of particle reinforced metal matrix composite is esti-
mated based on Nardone’s model [146] in which the assumption is a cylindrical particle
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with a length of 2h, a radius 2w , and perfect particle-matrix interface embedded in a
metal matrix, shown in Fig.4.17.
x
dx
2h
2w
fm m
i
i
Figure 4.17: Shear lag model for particle reinforced composite according to Nardone et al. [146]
Considering a thin slice of the particle whose axis is aligned with the loading direc-
tion. The balance of this thin slice is performed as,
piw2dσ f +2piτi wd x = 0 (4.21)
where dσ f is the normal stress variation and τi is the shear stress acting on the periphery
of the slice. Eq.(4.21) is rewritten as:
dσ f =−
2τi d x
w
(4.22)
Integrating Eq.(4.22) with the boundary conditions: σ f = σm at x = h and x = −h;
where σm is the stress in the metal matrix allows for expression of the stress in the parti-
cle as:
σ f =σm +
2τi (h−x)
w
(4.23)
Assuming that the metal matrix is plastic deformation during applied loading, the
stress in the matrix σm is regarded as being the flow stress of the matrix and the shear
stress acting on the periphery is assumed to be 12σm . The average stress acting on the
particle is then determined using:
σ¯ f =σm + s ·
σm
2
(4.24)
where s is the shape ratio of the particle (ratio of the length 2h to the diameter of the
particle 2w , i.e. s = h/w).
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Figure 4.18: Microstructural model according to shear lag theory for a hypo-eutectic metal in a) as cast
stage; b) as forged stage
Under monotonic loading, the flow stress of the bulk composite σp,C is calculated
using the rule of mixture
σp,C =V f · σ¯ f +Vm ·σm =Vp ·
[
σm + s · σm
2
]
+Vm ·σm (4.25)
The composite yield strength σp,C is used when the stress in matrix, σm , approaches the
yield strength of the matrix σp,M . Consequently:
σp,C =σp,M ·
[
Vp
2
· (s+2)+Vm
]
(4.26)
According to Chen et al. [147], the shear lag model for particle reinforced compos-
ites can be developed for both a net-like (cast) and band-like (forged) microstructures,
illustrated in Fig.4.18.
For the case of a cast particle reinforced metal composite, Chen et al. [147] modi-
fied the shear lag theory in order to include grain boundary effects on the microstruc-
tural strengthening of the cyclic yield strength of the bulk composite. The model of
the strengthening mechanisms in cast metal is based on the assumption that the mi-
crostructure of a cast hypo-eutectic alloy can be seen as a composite material consisting
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of two phases, being a soft phase, here considered as the metal matrix which includes
all material in-grain interiors, and a hard phase, here considered as particles distributed
at the boundaries of grains, illustrated by Fig.4.18a). The strengthening factor F is ex-
pressed as a function of grain size, "thickness" of grain boundaries, and volume fraction
of hard phases at the grain boundaries. Consequently, for a net-like microstructure in
Fig.4.18a) by replacing σp,M in Eq.(4.26) by σ∗p,M which accounts for the strengthening
effect of grain boundaries reordered with elongated particles
σp,C =σ∗p,M ·
[
Vp
2
· (s+2)+Vm
]
(4.27)
where σ∗p,M is the yield strength of the matrix which takes into account the effects of the
particle distribution on the grain size.
σ∗p,M =σp,M +∆σg b (4.28)
with
∆σg b =
Ky√
D¯p
(4.29)
in which Ky is the coefficient of Hall-Petch’s equation, for steels Ky ≈ 2700MPapµm.
If assumed that each particle nucleates at a grain boundary, the grain size can be
determined using
D¯p =Dp ·
(
(1−Vp )
Vp
) 1
3
(4.30)
where Dp is the average diameter of a particle, Vp is particle volume fraction, and D¯p is
considered as an average grain size (a metallic cell). The yield strength of a MMC with a
net-like microstructure was calculated using
σp,C = σ∗p,M ·
[
Vp
2
· (s+2)+Vm
]
= σp,M ·
(
1+ Ky
D¯1/2p σp,M
)
·
[
Vp
2
· (s+2)+Vm
]
(4.31)
For a band-like microstructure in Fig.4.18b) the authors in [147–149] applied the
shear lag theory for short fibers which are discontinuously distributed in MMCs. When
short fibers are parallel to the loading direction and shape ratio s = hw > 2 (h- height of
the fiber and w-width of the fiber), Eq.(4.26) is simplified to receive the strength of dis-
continuous fiber reinforced MMCs. Consequently, the result is shown for short fibers
aligning load direction as follows:
σp,C =σp,M ·
[
Vp
2
· s+Vm
]
(4.32)
In case of a shape ratio s <2 for a powder metallurgically produced (PM) material, the
Eq.(4.26) is directly used, i.e.
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σp,C =σp,M ·
[
Vp
2
· (s+2)+Vm
]
(4.33)
Note that in the case of cyclic loading the composite yield strength σp,C is replace by
cyclic yield strength σ′p,C and the yield strength of matrix σp,M is also replaced by cyclic
yield strength of matrix σ′p,M in Eq.(4.31), Eq.(4.32) and Eq.(4.33), i.e. F =
σ′p,C
σ′p,M =
σp,C
σp,M
.
4.2.2. SHORT CRACK GROWTH FOR CARBIDE RICH TOOL STEEL
Lal et al. [150] and Taylor et al. [23] showed that there is no physically short crack stage in
high strength materials; moreover, Gomes et al. [151] also investigated that the cracks in
HSS remain microstructurally short until failure. That implies that after fatigue crack ini-
tiation (fatigue crack incubation plus micro-structurally short crack growth), then crack
propagation is in stable stage. For that reason, in carbide-rich tool steel the microstruc-
turally short crack and physically short crack in McDowell’s model could be combined
into a single MSC/PSC stage (so-called short crack growth, i.e. d ad N
∣∣∣
msc/psc
= d ad N
∣∣∣
sc
).
Ding’s model is implemented to this stage; therefore, the relation between the short
crack growth rate and ∆C T OD is expressed:
d a
d N
∣∣∣∣
msc/psc
=G · (∆C T OD−∆C T OD th) (4.34)
where G is the constant for a given microstructure, typically less than unity,∆C T OD th is
the threshold value of cyclic crack tip opening displacement which is often taken on the
order of the Burger’s vector of the matrix [2].
In the currently proposed model, the coefficients C1 and C2 in Eq.(4.35) are actually
defined by λ ·G and G ·∆C T OD th respectively, which appears when the ∆C T OD of par-
ticle reinforced MMC is substituted into Eq.(4.34), i.e. C1 = λ ·G and C2 =G ·∆C T OD th .
Consequently, the law of short crack growth in particle reinforced MMC is described as:
d a
d N
∣∣∣∣
sc
= C1 ·pi
2 ·U 2 ·F 2
48C 2ε
·
(
n′+1
n′
)
· 1(
σ′y
)3 · 1
(K ′)
1
n′
(
∆σ
2
) 3n′+1
n′ ·a−C2 (4.35)
In this thesis, the short crack growth law in the HCF regime is applied to cast and
forged M3:2 tool steels (types of carbide-rich tool steel). The values of the short crack
coefficients C1 and C2 in Eq.(4.35) could be determined by a curve fitting method using
fatigue experimental data for the MSC/PSC stage (the crack length within this short crack
stage≤ 10−1000µm) in which strengthening ratio F is determined based on geometrical
parameters defined by the shear lag model for cast and forged M3:2 tool steels.
4.3. LONG CRACK GROWTH
In McDowell’s model [2], long crack growth is estimated based on Newman’s equation
with the modified Paris’ law considering closure effect, i.e. ∆Ke f f [152]. However, it is
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difficult to determine the stress opening intensity, Kop [106]. For that reason, a modi-
fication based on Li’s work [3] for long crack growth was performed in this study. The
advantage of this model is that it can directly estimated the lifetime in stage II based on
load ratios, the LCF properties (n′,σ′y ,ε′f and b+ c), together with microstructural fea-
tures.
The model for long crack growth is expressed as follows:
A-A
AA
a
d
a
a
Figure 4.19: Long crack in cylinder specimen
d a
d N
∣∣∣∣
l c
=
∆K 2−∆K 2th,l c
1
2piE
(
σ′y
)1− 1
β
[
4(1+n′) ·ε′f ·σ′y
] 1
β
(4.36)
In Eq.(4.36) some LCF properties include the cyclic strain hardening exponent (n
′
),
the fatigue ductility coefficient (ε′ f ), the fatigue ductility exponent (b) and the fatigue
strength exponent (c). These parameters are illustrated in Fig.3.6. Note that the param-
eter β in Eq.(4.36) is equal to −(b + c). The parameters can be found in Tab.4.2. For
the cyclic yield strength σ′y , it can be estimated from the relationship ∆σ2 = K ′
(
∆εpl
2
)n′
.
Therefore, σ′y =K ′ (0.002)n
′
.
The stress intensity factor ∆K was calculated from the surface crack of a cylindrical
specimen following Xue et al. [31], i.e.,
∆K = f
( a
d
)
∆σ
p
pia (4.37)
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where∆σ is the applied stress, f
( a
d
)
is the geometry function, a is the radius of a circular
crack (i.e., half of surface), and d is the diameter of cylinder specimen shown Fig.4.19.
The geometry function f
( a
d
)
is defined as
f
( a
d
)
= 0.67−1.24
( a
d
)
+28.0
( a
d
)2
−162.4
( a
d
)3
+472.2
( a
d
)4
−629.6
( a
d
)5
+326.1
( a
d
)6
(4.38)
The long crack threshold ∆Kth,lc , which takes into account load ratios, microstruc-
tural features, can be estimated reasonably well by Li et al. [136]
∆Kth,l c = (1−Rε)σ′p,M
√
2Sp (4.39)
where Rε is the strain ratio, σ′p,M is the cyclic yield stress of metal matrix, Sp is the av-
erage distance between carbides (Li et al. [136] referred to it as the mean free path),
computed as
Sp =Dp
(
1−Vp
)√ 2
3Vp
(4.40)
where Dp is the average diameter of primary carbides and Vp is the volume ratio of pri-
mary carbides.
Note that Sp could also be determined by image analysis directly from micro-graphs
of the materials, i.e. cast and forged M3:2 tool steels.

5
FATIGUE LIFE PREDICTION
RESULTS AND DISCUSSION
5.1. MULTI-SCALE FATIGUE MODEL FOR CARBIDE-RICH TOOL
STEEL
As aforementioned, the total lifetime of a component made from carbide-rich tool steel
can be predicted using the multi-scale model, including fatigue crack incubation, mi-
crostructurally and physically short crack growth and long crack growth as shown in
Eq.(5.1).
NT =Ni nc +Nmsc/psc +Nlc (5.1)
where Ni nc are the cycles during crack incubation stage, Nmsc/psc are the cycles during
microstructurally and physically short crack growth, and Nlc are the cycles related to
long crack growth.
In high strength steel, it is known that there is no transition phase between short
crack and long crack [150, 151]. Therefore, MSC and PSC stages are combined into a
single stage (MSC/PSC) called short crack growth (Nsc ). Actually, the short crack growth
in tool steels was calculated by using the accumulated fatigue damage model for par-
ticle reinforced composites, and long crack growth (Nl c ) was estimated by using LCF
properties together with microstructure features. Consequently, total lifetime of HSS is
rewritten as in Eq.(5.1)
NT =Ni nc +Nsc +Nlc (5.2)
To consider the lifetime of carbide-rich tool steel, cast and forged M3:2 tool steels
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were chosen for validation; in the following sections, the results of the proposed model
are described in detail.
5.1.1. INCUBATION LIFE OF CARBIDE RICH TOOL STEEL
Figure 5.1: Uniaxial traction law for micro-crack formation
In order to account the role of carbides in fatigue crack incubation in tool steels,
RVEs with carbides of various sizes, volume fraction and aspect ratios of primary car-
bides were generated; furthermore, carbide distribution in an RVE was also arranged
since it is well-known that carbide near the free surface which promotes shear localiza-
tion and can cause fatigue crack formation [36]. These scenarios would be most critical,
however, have been not known in advance. Hence, the Fatemi-Socie parameter (∆Γ) was
used, which was the fatigue damage indicator related to the interaction of carbides and
stress or strain distribution. In general case of RVE analysis, the Fatemi-Socie is usually
estimated based on the multiaxial fatigue criterion because of the interaction between
stress state, i.e. the interaction of torsion and tension stress that controls micro-crack
initiation. McDowell et al.[2, 16, 17], Shenoy et al.[30, 153], Xue et al. [31, 32, 96, 98, 99]
computed the Fatemi-Socie parameter based on this interaction, presented in Fig.5.1.
Historically, for shear-dominated micro-notch root fatigue damage, the Fatemi-Socie
parameter has well done in the uniaxial loading case since it includes the essential mech-
anism that controls incubation damage. The life of fatigue crack incubation is calculated
based on the relation between Fatemi-Socie damage parameter and modified Manson-
Coffin law given in Eq.(5.3).
∆γ
p∗
max
2
(
1+K ∗σ
max
n
σ′y
)
=Ci nc (2Ni nc )α (5.3)
In the Eq.(5.3), the parameter ∆γ
p∗
max
2 is the range between the largest and the smallest
plastic shear strain γp∗ in the process zone during the load cycle. σmaxn is the normal
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stress on the plane with the highest plastic shear strain which is designated as the criti-
cal plane. K ∗ is a coefficient about 0.5 ÷ 1 taking into account the interaction between
torsion and tension fatigue ductility. According to Goh [102], K ∗ is close to unity for high
cycle fatigue, but lower for low cycle fatigue. Therefore, in this study the value of K ∗ was
chosen to be 1.
Material properties 
for cyclic loading
Stress and strain 
histories
Mechanical 
properties of 
material
Manson-Coffin law and 
Fatemi-Socie parameter
Number of cycles to 
fatigue crack incubation
Figure 5.2: Flow chart of lifetime estimation in fatigue crack incubation
uy
uy uy
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Figure 5.3: RVE models for a)forged tool steel and b) cast tool steel
The flow chart for lifetime prediction in fatigue incubation stage is given in Fig.5.2
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in which the computational process of the Fatemi-Socie parameter on the critical plane,
∆γ
p∗
max
2
(
1+ σmaxn
σ′ y
)
based on [143, 144], is outlined as follows:
(i) The RVE model with primary carbides was generated; in Fig.5.3, 2D RVE models
(in plane stress) for cast and forged M3:2 tool steels were generated. Each RVE contains
24 polygonal carbides, corresponding to the volume fraction of carbides Vp = 10% in the
RVE. Note that the distance between carbides and the average carbide diameter were
chosen based on Tab.3.2.
(ii) The local plastic zone consisting of the elements with the equivalent plastic strain
at nodes greater than 0.01% was determined.
(iii) The results of stress and strain histories were obtained and the critical planes
were determined; then the cyclic plastic shear strain range and normal stress on the crit-
ical plane were calculated over the 3r d cycle during FEAs of RVEs following some steps:
Figure 5.4: Normal stress on candidate plane
step 1: Choose a reference history point t∗ in the 3r d cycle (the stabilized hysteresis
loop)
step 2: Calculate the relative values of plastic strains and stresses for all history points
over the 3r d cycle, which corresponded to the reference history point t∗ as in Eq.(4.9)
∆εIpl ,i j = εtIpl ,i j −εt
∗
pl ,i j
and Eq.(5.4)
∆σIi j =σtIi j −σt
∗
i j (5.4)
where εtIpl ,i j and σ
tI
i j are history plastic strains and stresses at history time tI and ε
t∗
pl ,i j
and σt
∗
i j are history plastic strains and stresses at reference time t
∗ within the 3r d cycle,
respectively; the index of strain and stress component i , j = 1,2 and the index of time
increment I .
step 3: Calculate maximum cyclic plastic shear strain ranges
∆γ
tI ∗
p
2 indicated from
Eq.(4.11) to Eq.(4.14) and normal stress σtIn on the candidate critical plane (see Fig.5.4)
corresponding to maximum cyclic plastic shear strain ranges is calculated as follows:
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σIn =∆σIx sin2ϕ∗+∆σIy cos2ϕ∗−2∆τIx y sinϕ∗cosϕ∗ (5.5)
where ϕ∗ is the critical value of the angle ϕ which introduces maximum cyclic plastic
shear strain ranges.
step 4: Repeat steps 1 to 3 for different locations of the reference point t∗ for all his-
tory points over the 3r d cycle.
step 5: Obtain the maximum of cyclic plastic shear strain ranges presented in Eq.(4.17)
and normal stress σn corresponding to the
∆γ
p∗
max
2 , named σ
max
n .
(iv) and then estimate the Fatemi-Socie parameter for the case of pure cyclic plastic
shear range which drives early short crack propagation as in Eq.(5.6).
∆Γ= ∆γ
p∗
max
2
(
1+ σ
max
n
σ′y
)
(5.6)
σmaxn is the normal stress on the critical plane corresponding to the maximum of cyclic
plastic shear strain ranges ∆γ
p∗
max
2 within 3
r d ; σ′y is the cyclic yield strength (note that in
this equation, K ∗ was chosen to be 1).
Finally, the number of cycles for fatigue crack incubation is calculated as in Eq.(5.3).
INCUBATION LIFE OF FORGED M3:2 TOOL STEEL
As aforementioned in paragraph (4.1.7), the condition of fatigue crack incubation in
M3:2 tool steel in the HCF regime is the remote strain amplitude ranging εa = 0.3−0.8%.
The strain amplitude εa must be in this range when applying it to the RVE model.
An RVE for forged M3:2 tool steel was generated with 24 polygon carbides in band-
like clusters as shown in Fig.5.3a), simplified PBCs were used. RVE dimension was 99×
99µm, which was determined based on volume fraction of carbdes Vp = 10%; element
type was chosen to be plane stress element (CPS4R). The cyclic displacement loading
amplitude corresponds to remote strain (macro scale) was in longitudinal direction εa =
0.3% with Rε =−1. The shape ratio of primary carbides h/w = 4, the distance to internal
carbides Sp = 6µm, and the distance to right and left free surface δ = 4µm were input
parameters for FE-RVE analysis. The fatigue crack incubation is calculated as follows:
• After FEA analysis of the RVE, the 3r d loading cycle was chosen for calculation of
fatigue crack incubation time.
• A local plastic strain area around carbides was chosen as in Fig.5.5, in which the
equivalent plastic strain was maximized, and then the stress and strain histories
were obtained, the Fatemi-Socie parameter was computed as in Eq.(5.7).
∆Γ= 0.00175 (5.7)
• The coefficient Ci nc =0.56 and α=-0.407 were found in paragraph (4.1.6). Conse-
quently, Manson-Coffin law was used for determination of the number of cycles
for fatigue crack incubation time:
∆Γ=Ci nc (2Ni nc )α (5.8)
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Figure 5.5: Distribution of equivalent plastic strain in RVE model with band-like carbide distribution for
predicting of fatigue crack incubation in case of εa = 0.3%
• thus,
0.56(2Ni nc )
−0.407 = 0.00175 (5.9)
solving Eq.(5.9) and the number of cycles to fatigue crack incubation of forged
M3:2 tool steel has been estimated: 2Ni nc = 1.43 ·106(cycles).
INCUBATION LIFE OF CAST M3:2 TOOL STEEL
Analogously, an RVE for cast M3:2 tool steel was also generated with 24 polygon carbides
in net-like clusters as shown in Fig.5.3b), simplified PBCs were also used. RVE dimension
was 99×99µm, based on volume fraction of carbides Vp = 10%; element type was chosen
to be CPS4R. The cyclic displacement loading amplitude corresponds to remote strain
(macro scale) in Y direction was εa = 0.3%; the shape ratio of primary carbides h/w = 4,
the distance to internal carbides about Sp = 27µm (average grain size), and distance
to right and left free surface δ = 4µm were input parameters for FE-RVE analysis; then
fatigue crack incubation life was calculated similar to the previous section.
After FEA analysis of the RVE, the 3r d loading cycle was chosen; a local plastic strain
area around carbides was presented in Fig.5.6 and the Manson-Coffin law was calcu-
lated; then a number of cycles of fatigue crack incubation was determined by solving
Eq.(5.10)
0.56(2Ni nc )
−0.407 = 0.0016 (5.10)
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Figure 5.6: Distribution of equivalent plastic strain in RVE model with net-like carbide distribution for
predicting of fatigue crack incubation in case of εa = 0.3%
Resulting in a number of cycles to fatigue crack incubation of cast M3:2 tool steel is
2Ni nc = 1.78 ·106(cycles).
By comparison, the lifetime simulation of cast and forged M3:2 tool steels show that
the predicted incubation of cast steel is slightly greater than that of forged steel in case of
strain amplitude εa = 0.3% and Rε =−1. The reason is that the RVE of cast M3:2 tool steel
was generated with closer neighbor distance than the forged one, resulting in reduced
cyclic plastic shear strain range.
Rammerstorfer et al. [49] used a microstructurally layered approach to simulate
the typical structure of forged tool steel. These authors investigated particle-rich layer
has smaller equivalent plastic value compared to particle-poor layer. Subsequently, a
smaller size and finer distribution of carbide bands in the microstructure is beneficial
for the fracture resistance.
Jordon [33] also stated that if the nearest (closest) neighbor distance of pores/inclusions
increases, the lifetime increases as well.
Based on the results from literature above, the results of the simulation of fatigue
crack incubation in cast and forged M3:2 steels are deemed acceptable.
In short, in monotonic loading the maximum stress in a particle/carbide decides its
failure, then instantaneous crack propagation and failure; whereas, in cyclic loading lo-
cal plastic strains are the critical point. For that reason, the carbide size and carbide
distribution directly control fatigue crack incubation resistance in tool steels.
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Figure 5.7: Short crack and long crack growth [154]
5.1.2. SHORT CRACK GROWTH OF CARBIDE RICH TOOL STEEL
The relation between the crack growth rate and the stress intensity factor is presented
on a log-log scale in Fig.5.7 [154]. Usually, long crack growth rate is estimated by Paris’
law. However, considering the effect of load ratio (closure effect), Paris’ law should be
replaced by Eq.(5.11) [27]:
d a
d N
=Cp ·
(
∆K −∆Kth,lc
)mp (5.11)
where ∆K = Y ·ppi ·a is the stress intensity factor range and ∆Kth,l c is the stress in-
tensity threshold for long crack.
∆Kth,lc is an important factor since it is a function of the microstructural features
of the material as well as load ratios. If ∆K in long crack stage is smaller than ∆Kth,l c ,
cracking seems not to occur or its growth rate is very slow. Actually, when ∆K <∆Kth,l c ,
short crack still exists and d ad N is not related the range of stress intensity factor.
Short crack growth has been investigated by a large amount of authors, such as Tokaji
et al.[155], Nisitani et al.[75], Chan [156], Miller [15], Shiowaza et al.[57], McDowell et
al.[2], Santus et al.[27] and Chapetti et al.[26]. Short crack strongly depends on the mi-
crostructure of a material, the environment and the load ratio. Although short crack
growth is successfully characterized by Nisitani et al.[75] and Shiowaza et al.[57] and
their results are in good agreement with experimental data, the short crack law was
not introduced to the effect of load ratios, which had clearly affected the stress inten-
sity threshold of short crack ∆Kth,sc (sometimes called ∆Kth,a) as illustrated in Fig.5.7 in
above researches. For that reason, McDowell et al.[2], Santus et al.[27] and Chapetti et
al.[26] developed models for short crack growth which take into account the influences
of both microstructural features and load ratios.
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In this thesis, short crack growth (MSC/PSC) in carbide-rich tool steel in HCF has
been established as in Eq.(4.35). However, its coefficients must be determined by one of
two methods as follows:
• Experimental parameters based on fatigue tests: the crack length and number of
cycles within short crack (MSC/PSC) stage are recorded by doing fatigue exper-
iments. Note that the crack length in short crack stage is in the range of a =
ai nc ÷ds . According to [2] the incubation crack length ai nc can be estimated by
ai nc = 0.625 ·Dp . Assuming a mean free path between the carbides in the range
of 4µm given ai nc = 2.5µm and ds is the strongest microstructural barrier to crack
propagation, which assumes ds = kdg (normally k = 1÷2) and dg is the grain size.
By using the least-squares method for the relationship of N −∆σ, the coefficients
in Eq.(4.35) can be obtained. However, the experimental methodology to measure
crack lengths in the range of a = 2.5÷100µm is rather challenging. Therefore, this
method will not be applied in the frame of this thesis.
• Indirect method: the law for short crack growth can be obtained by relying on the
law of short crack growth, which is appropriate to short crack growth in carbide-
rich tool steels; then fatigue life data (N −∆σ) of short crack growth is obtained;
and then values of the coefficients in Eq.(4.35) can be estimated by curve fitting of
the data.
In this study, the indirect method was implemented to determine the coefficients of
short crack law for cast and forged M3:2 tool steels. The layout for this method is briefly
shown in following steps:
step 1: Chan’s model was used for short crack growth taking into account some mi-
crostructural features defined as in Chan’s work [156] given in Eq.(5.12).
d a
d N
∣∣∣∣
sc
= ξ 1b · (2 · ssp)1− 1b ·[∆K
E
] 2
b
(5.12)
with
ξ= E · ssp
4 ·σy ·ε′ f ·do
(5.13)
where
• ssp is the striation spacing (in metal alloys ssp = 0.1−0.2µm)
• σy is the yield stress
• b is the fatigue strength exponent, which comes from Basquin equation, i.e. ∆σ=
2σ′f · (2N f )b . For carbide-rich tool steel, b can be obtained from Eq.(4.2)
• do is the dislocation barrier spacing
• and E is Young modulus
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step 2: The stress intensity factor of short crack growth near threshold,∆K in Eq.(5.12),
could be replaced by an effective stress intensity range, ∆Ke f f as in Eq.(5.14) based on
Chan’s [156] and Chapetti’s [26] suggestions:
∆Ke f f =∆K −∆Kth,sc (5.14)
in which ∆Kth,sc is the threshold stress intensity for short crack that depends on crack
length (see Fig.5.7).
step 3: Substitute Eq.(5.14) into Eq.(5.12), the law for short crack growth is obtained
in Eq.(5.15).
d a
d N
∣∣∣∣
sc
= ξ 1b · (2 · ssp)1− 1b ·[∆K −∆Kth,sc
E
] 2
b
(5.15)
step 4: Chapetti [26] defined the threshold stress intensity factor for a critical defect
based on El Haddad’s model [157, 158]; then Santus et al. [27] developed physically short
crack growth based on Chappetti’s model, providing the law for the threshold from the
nucleation (intrinsic resistance of short crack)
∆Kth,sc =∆Kth,l c ·
√
a
a+aD
(5.16)
where a is the crack length and it is assumed to be equal to the size of the critical defect,
aD = aoβ2sc andβsc is the geometric factor, in case of short crack growthβsc = 0.65 [27, 156].
step 5: The fatigue threshold ∆Kth,lc corresponding to long crack from Eq.(3.68) was
substituted into Eq.(5.16) to get fatigue threshold of short crack growth:
∆Kth,sc =∆Kth,l c ·
√
a
a+aD
= (1−R) ·σ′p,M ·
√
2Sp
(
a
a+aD
)
(5.17)
Then the stress intensity factor was determined
∆K = Y ·∆σ ·ppia (5.18)
Thus, ∆Ke f f can be calculated according to Eq.(5.14) in which ∆K is determined in
Eq.(5.18) with some parameters determined as folows
• Y is the geometry factor; in order to determine Y for short crack growth, the as-
sumption was provided as follows: the crack nucleation originates from broken
carbide on the surface of a component (in a semi-infinite body); it is a reason-
able to consider the crack orientation perpendicular to the uni-axial normal stress
direction. Usually in such type of the situation the typical observed surface crack
aspect ratio is a/cs = 0.8, where a is the crack depth and cs is the surface crack half-
length. During short crack propagation, this aspect ratio can be either higher or
lower than 0.8. At this point an average aspect ratio of a/cs = 0.8 can be appropri-
ate (semi-circular surface crack with radius a) [27, 152]. Based on that assumption
the geometry factor Y was determined for short crack Y = 1.12 · 2pi = 0.71.
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• The dislocation barrier spacing do in Eq.(5.13) is computed by Hall-Petch relation.
Thus, based on Hall-Petch’s law for particle reinforced composite [159] do = Dp ·(
1−Vp
Vp
)1/3 = 7.6µm. Note that do ≈ Sp as given in Tab.3.2.
• The crack length is in the range of a = ai nc ÷asc =2.5÷100µm.
and other parameters are chosen for carbide-rich tool steel; which are used for Chan’s
model, given in Tab.5.1.
Table 5.1: Parameters used for Chan’s model[15, 108, 118, 138, 156, 160]
Material E [GPa] σy [MPa] b [-] ε′f [-] σ
′
p,M [MPa] ssp [µm] Sp [µm]
M3:2 tool steel 223 2330 -0.0576 0.7343 980 0.2 7.6
step 6: Eq.(5.12) is transformed in order to determine the relationship between d ad N
∣∣∣
sc
and ∆σ in short crack (MSC/PSC) stage as follows
d a
d N
∣∣∣∣
sc
≈ ∆a
∆N
= ξ 1b (2 · ssp)1− 1b [∆K −∆Kth,sc
E
] 2
b
(5.19)
where ∆a = asc −ai nc and ∆N =Nsc −Ni nc .
SHORT CRACK GROWTH OF FORGED M3:2 TOOL STEEL
As aforementioned, at a meso-scale forged M3:2 tool steel primary carbides distribute
themselves in the martensitic steel in a band-like fashion. Based on this feature, forged
M3:2 tool steel is considered as short carbides embedded and aligned in the martensitic
matrix. The strengthening ratio F of forged M3:2 tool steel was determined by applying
the shear lag model with short aligned fibers in Eq.(4.32). The result is shown as follows
F =
σ′p,C
σ′p,M
= σp,C
σp,M
=
(
h
2w
·Vp +Vm
)
(5.20)
where h is the length, w is the diameter (or width) of carbides, and Vp and Vm are the
volume fractions of primary carbides and the martensitic matrix, respectively.
Substitute Eq.(5.20) into Eq.(4.35), the short crack growth for forged M3:2 tool steel is
explicitly obtained as follows
d a
d N
∣∣∣∣
sc
= (5.21)
C1pi2U 2
48C 2ε
(
h
2w
·Vp +Vm
)2 (n′+1
n′
)
1(
σ′y
)3 1
(K ′)
1
n′
(
∆σ
2
) 3n′+1
n′
a−C2
The coefficients C1 and C2 of Eq.(5.21) were determined by using least-squares method
with the data from Chan’s model applied to forged M3:2 tool steel in Eq.(5.19) in which
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Figure 5.8: Determine coefficients of short crack law of forged M3:2 tool steel based on the data from
Chan’s model
some parameters such as h, w , Vp , n′,K ′ , and σ′y are given in Tab.5.2 along with load
ratio Rε =−1; the adhesive coefficient is chosen to be Cε=0.25. The results of the relation
between short crack growth rate and stress range are depicted in Fig.5.8. The estimated
values of these coefficients are: C1 = 0.317 and C2 = 0.2848 ·10−12.
Table 5.2: Parameters used for short crack growth [108, 118, 138]
Material h/w Vp [%] n′ σ′y [MPa] σ′p,M [MPa] K
′ [MPa] D¯p [µm] Ky [MPaµm1/2]
Forged M3:2 7.7±3.8 9.2 0.155 2484 980 5693 13 -
Cast M3:2 23.9 11.2 0.155 2484 980 5693 83.5 2700
Consequently, the model for short crack growth of forged M3:2 tool steel with Rε =−1
in the HCF regime, then becomes
d a
d N
∣∣∣∣
sc
= 0.317 ·pi
2
48C 2ε
(
h
2w
·Vp +Vm
)2 (n′+1
n′
)
1(
σ′y
)3 1
(K ′)
1
n′
(
∆σ
2
) 3n′+1
n′
a
− 0.2848 ·10−12 (5.22)
SHORT CRACK GROWTH OF CAST M3:2 TOOL STEEL
Analogously, the strengthening ratio F of cast M3:2 tool steel was calculated by using the
shear lag model while taking into account grain boundaries effects on the strengthening
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mechanisms:
F =
(
1+ Ky
D¯1/2p σ
′
p,M
)
·
[
Vp
2
· (s+2)+Vm
]
(5.23)
Substitute Eq.(5.23) into Eq.(4.35), the short crack growth for cast M3:2 tool steel is
explicitly expressed as,
d a
d N
∣∣∣∣
sc
= (5.24)
= C1pi
2U 2
48C 2ε
(
1+ Ky
D¯1/2p σ
′
p,M
)2
·
[
Vp
2
· (s+2)+Vm
]2 (
n′+1
n′
)
σ′y−3
(K ′)
1
n′
(
∆σ
2
) 3n′+1
n′ ·a
−C2
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Figure 5.9: Determine coefficients of short crack law of cast M3:2 tool steel based on the data from
Chan’s model
The coefficients C1 and C2 for cast M3:2 tool steel were calculated by using some
parameters: Vp , n′,K ′, Hall-Petch’s coefficient Ky , cyclic yield strengthσ′p,M of tempered
martensite, and σ′y given in Tab.5.2 together with the adhesive coefficient Cε=0.25 and
load ratio Rε =−1. The results of the relation between short crack growth rate and stress
range are presented in Fig.5.9. The values of short crack coefficients determined are:
C1 = 0.1213 and C2 = 0.2864 ·10−12.
Results in the model for short crack growth of cast M3:2 tool steel with Rε =−1 in the
HCF regime as
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d a
d N
∣∣∣∣
sc
= (5.25)
= 0.1213pi
2
48C 2ε
(
1+ Ky
D¯1/2p σ
′
p,M
)2
·
[
Vp
2
·
(
h
w
+2
)
+Vm
]2
n′+1
n′
σ′y−3
(K ′)
1
n′
(
∆σ
2
) 3n′+1
n′ ·a
−0.2864 ·10−12
where D¯p is the average grain size and Dp is the average diameter of carbides.
In short, going back to formulations of short crack growth in literature including
Tomkins [161], Nisitani et al.[75], Miller [15], Shiowaza et al.[57], McDowell et al.[2], and
Pugno et al.[74], the short crack laws are proportional to the power law of stress ampli-
tude. i.e.,
d a
d N
∣∣∣∣
sc
=Csc · (σa)msc ·a =Csc ·
(
∆σ
2
)msc
·a (5.26)
in which Csc and msc are material constants. Note that according to these above authors,
this law, in Eq.(5.26), is unique for short crack growth and very well in good agreement
with experiments.
Nisitani et al.[75] determined the coefficients for high strength steels as follows
• Csc = 9.8 ·104σ−2.5ul t with σul t is ultimate tensile strength
• msc =−9.3 ·10−3σul t +16.5
• or msc is in the range of 7-11 for high strength steel
Subsequently, the proposed model for short crack growth in carbide-rich tool steels
in Eq.(5.22) and Eq.(5.25) are the same type of formulation for short crack gowth which
has been presented in the literature in Eq.(5.26). Furthermore, the proposed model has
the advantage that it explicitly expresses the relationship between microstructural fea-
tures and short crack growth in carbide-rich tool steels, which has not been published in
the literature so far.
5.1.3. LONG CRACK GROWTH OF CARBIDE RICH TOOL STEEL
Long crack growth stage of tool steels can be expressed in Eq.(5.27)
d a
d N
∣∣∣∣
lc
=
∆K 2−∆K 2th,l c
1
2piE
(
σ′y
)1− 1
β
[
4ε′ f
(
1+n′σ′y
)] 1
β
(5.27)
in which
• b is the fatigue strength exponent, which comes from Basquin equation, i.e. ∆σ=
2σ′f · (2N f )b and c is the fatigue ductility exponent and ε′f is the fatigue ductility
coefficient, which come from Manson-Coffin equation, i.e. ∆εpl = 2ε′f ·(2N f )c . For
carbide-rich tool steel, b and c are obtained from Tab.5.3
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Table 5.3: Parameters used for long crack growth[138]
Material E [GPa] σ′y [MPa] b [-] c [-] ε′f [-] n’ [-] β=-(b+c)
M3:2 tool steel 223 2484 -0.0576 -0.407 0.7343 0.155 0.4646
• n′ is the cyclic strain exponent
• σ′y is the cyclic yield strength, which can be estimated from the relationship ∆σ2 =
K ′
(
∆εpl
2
)n′
. Therefore, σ′y =K ′ (0.002)n
′
with K ′ and n′ given in Tab.5.3
• The threshold stress intensity factor of long cracks is ∆Kth,lc = 2σ′p,M
√
2Sp , in
which σy,M and Sp are given in Tab.5.1
• ∆K = f ( ad )∆σppia. The geometry function f ( ad ) relates to the geometry of speci-
men and it is defined in Eq.(4.38). Note that this geometry factor is only valid for a
cylinder specimen with depth crack a (see Fig.4.19).
Actually, this law for long crack growth in carbide-rich tool steel was delivered from
Li’s model [3] which directly takes into account LCF properties, some microstructural
features, and load ratios; this law is suitable for the crack length a ≥ 100µm. In this
thesis lifetime of long crack growth of HSS is calculated in the range of a = asc − a f =
100− 1000µm. It might be easy to estimate because of a few parameters determined
from experiments; moreover, it also considers closure effect as aforementioned.
5.2. FACTORS INFLUENCING THE LIFETIME OF CARBIDE RICH
TOOL STEEL
5.2.1. EFFECTS ON INCUBATION LIFE
There are many factors affecting fatigue crack incubation including, but not limited to
microstructural features and external cyclic loading. For simplification, however, only
the factors describing the microstructure such as shape, shape ratio, volume fraction,
distance to free surface of carbides, and the load ratio are considered.
EFFECTS OF LOAD RATIO (Rε) ON THE FATEMI-SOCIE PARAMETER
In order to achieve this purpose, 2D RVE models containing an elliptical-cracked car-
bide with the shape ratio h/w = 4 and volume fraction (Vp = 10%) were generated. The
RVE dimension was of 20×20µm corresponding to volume fraction of the carbide. The
displacement loading in Y direction (longitudinal to the major axis of the elliptical car-
bide) is applied to the RVE, illustrated in Fig.4.15. Element type was 2D plane stress
element with a reduced integration point (CPS4R); element size was chosen to be 0.1
µm; simplified PBCs were applied to the RVE model. The load ratio was varied between
Rε =−1÷0.4; then the Fatemi-Socie parameter ∆Γwas calculated according to Eq.(5.28)
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Figure 5.10: Effect of stress ratio on ∆Γ at the micro-notch root
∆Γ= ∆γ
p∗
max
2
(5.28)
From the simulation results, the relation between (∆Γ) and (Rε) is shown in Fig.5.10.
The relation between ∆Γ and Rε shows that ∆Γ increases with increasing Rε from -1 to
0.1 . It is clear that ∆Γ is strongly affected by Rε in this range of compressive loading.
However, within the range Rε = 0.1÷0.4 the effect can be ignored.
These results seem to be in an agreement with the conclusions from Shenoy [30], who
examined the effects of load ratios on fatigue crack incubation in directionally solidified
(DS) nickel-based superalloys. Furthermore, Srivastava et al. [123], investigating the
influence of R on the effective stress range ratio and crack growth in Al alloys, highlighted
that larger compressive stresses at the crack tip induce larger sizes of the plastic zone.
This implies that a cyclic plastic zone is the driving force for fatigue crack incubation, i.e.
the incubation life is controlled by plastic shear strain range in the cyclic plastic zone,
which in turn, strongly depends on the load ratio Rε in the range ≤ 0.
EFFECTS OF CARBIDE SHAPES
The effects of carbide shape on fatigue crack incubation were also considered in this
section. It is known that the plastic shear strain range
∆γpl
2 in the local plastic zone is the
main factor causing fatigue crack incubation under cyclic loading. However, the local
plastic zone, in turn, is effected by the shape of a carbide embedded in the matrix phase.
For that reason, studying the influence of carbide shapes on fatigue incubation life is
necessary.
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In order to investigate the effect of carbide shape (circle, polygonal, dog-bone and
elliptical) on fatigue behavior of carbide-rich tool steels, 2D RVE models containing non-
cracked carbides were generated. The RVE dimension was of 20×20µm proportional to
volume fraction of carbide Vp = 10%. Element type was CPS4R; the boundary conditions
of RVE model were the simplified PBCs. The displacement loading was applied in Y-axis,
parallel to the major axis of the carbide. The numerical analysis were all done in case of
εa = 0.3% and Rε =−1.
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Figure 5.11: Effect of carbide shapes on ∆Γ in case of εa = 0.3%
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Figure 5.12: Relationship between carbide shapes and Ni nc in case of εa = 0.3%
In the case of RVE containing a non-cracked carbide, the interaction between ten-
sion and torsion should be important criterion, expressed by multiaxial fatigue crite-
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rion. That means the Fatemi-Socie parameter is controlled by both the cyclic plastic
strain range and the maximum normal stress on the critical plane (see Eq.(5.6)). The
stress and strain histories within the local plastic zone during the 3r d load cycle were an-
alyzed; the results of the simulations presented in Fig.5.11 show that an elliptical shaped
carbide has a high potential for fatigue crack nucleation. In addition, the simulation re-
sults illustrate that there is no big difference between polygonal and a dog-bone shaped
carbides, whereas a circular shaped carbide showed the smallest potential for crack nu-
cleation. Consequently, tool steels consisting of many circular carbides have the highest
resistance to fatigue crack nucleation (see Fig.5.12). However, in reality there might be a
competition between cracking or de-cohesion of carbides and crack initiation in the ma-
trix; the biggest carbide would fail early due to the shear lag mechanisms. That means
the conditions for high resistance to fatigue crack initiation might be fine and circular
carbides existing in the microstructures of tool steels.
Note that from the simulation results the elliptical carbide has the highest potential
for fatigue crack nucleation, this result might contradict with those of Antretter’s work
[34] in a monotonic loading in which non-smooth carbide shapes such as dog-bone and
polygonal shape are shown to have a high potential for damage. The discrepancy can be
explained based on the driving forces for damage under monotonic and cyclic loading;
actually, in monotonic loading a maximum stress is the driving force; whereas, in cyclic
loading, plastic shear strain range is a driving force for fatigue damage, i.e. a carbide
shape that induces more plastic strain, causing more potential to failure.
EFFECTS OF SHAPE RATIO (h/w )
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Figure 5.13: Relationship between shape ratios and ∆Γ in case of εa = 0.3%
As presented above, the elliptical shaped carbide has the highest potential for fatigue
crack nucleation. Therefore, the elliptical shaped carbide was chosen to investigate the
effect of carbide shape ratio on fatigue crack incubation. 2D RVE models containing an
elliptical carbide with volume fraction Vp = 10% in the center were generated. The RVE
5.2. FACTORS INFLUENCING THE LIFETIME OF CARBIDE RICH TOOL STEEL
5
97
dimension is of 20×20µm proportional to the volume fraction of the carbide. Element
type was 2D plane stress element with reduced integration point; the boundary condi-
tions of RVE model were the simplified PBCs. The cyclic loading direction was parallel
to the major axis of the ellipse; the displacement amplitude loading corresponding to
εa = 0.3% with load ratio Rε = −1 was applied to RVEs as illustrated in Fig.5.13. For the
purpose, the ratio h/w (h-major and w-minor axis) is varied between 1 and 12, corre-
sponding to h/w = 7.8± 3.8 given in in Tab.3.2. The numerical studies show that the
relation between ∆Γ and h/w can be expressed in Eq.(5.29).
∆Γ= 0.0003
(
h
w
)2.18
(5.29)
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Figure 5.14: Relationship between shape ratios and Ni nc in case of εa = 0.3%
The results in Fig.5.13 show that h/w increases with increasing ∆Γ. That means the
lifetime of fatigue crack incubation is shorter when the carbide shape becomes thinner
and longer.
The relation between the shape ratio of carbides and the incubation time is also il-
lustrated in Fig.5.14. It is clear that tool steel containing many circular shaped carbide
has the highest fatigue incubation resistance and the longest lifetime.
EFFECTS OF DISTANCE BETWEEN A CARBIDE AND THE FREE SURFACE
It is well-known that a large primary carbide located near the surface of a component
subjected to cyclic loading causes the structure to damage easily. To consider this effect,
the position of the carbide relative to the edge surfaces of RVE should be determined;
the distance to free surface δ is defined in Fig.5.15 in which Dp is the average diameter
of the elliptical carbide (Dp =
√
4Acar bi de
pi ) and δ is the distance from the tip of major axis
of the elliptical shaped carbide to the free surface of the RVE; subsequently, this variable
δ represents the position of the carbide with respect to the surface of the RVE. The ratio
δ/Dp varies from 1 to 3.5. Based on that, the RVE with the elliptical shaped carbide was
generated. The boundary conditions of the RVE model were presented in Fig.5.15 and
the strain loading is applied in Y-axis (perpendicular to the major axis of the carbide).
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Figure 5.15: Distance to a free surface of an RVE versus ∆Γ in case of εa = 0.3%
Element type was also 2D plane stress element with reduced integration point. FEAs
were carried out under the strain amplitude εa = 0.3%, strain ratio Rε = −1, the shape
ratio h/w and carbide volume fraction (Vp = 10%) remain constant.
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Figure 5.16: Distance to a free surface of an RVE versus Ni nc in case of εa = 0.3%
Stress and strain histories in local plastic zone over the 3r d load cycle were analyzed,
the relationship between ∆Γ and the ratio δ/Dp is expressed as in Eq.(5.30).
∆Γ= 0.0113exp
(
−0.7368 δ
Dp
)
−0.0005
(
δ
Dp
)−2.935
(5.30)
The relation between ∆Γ and δ/Dp in Fig.5.15 shows that the ratio δ/Dp decreases
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with decreasing the lifetime of fatigue crack incubation. That means if a carbide is far
from the edge surface of the RVE, the structure seem to possess the highest resistance to
fatigue crack incubation, illustrated in Fig.5.16.
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Figure 5.17: Relationship between Vp and ∆Γ in case of εa = 0.3%
The volume fraction of primary carbides strongly affects the lifetime of a carbide-rich
tool steel component. However, so far the relation between the volume fraction of car-
bide (Vp ) and ∆Γ or the lifetime of fatigue crack incubation has not been identified. In
this section the effects of the volume fraction on fatigue crack incubation were consid-
ered. 2D RVE models with the dimension of 20×20µm containing the elliptical shaped
carbide in the center were generated. The boundary conditions of RVE model were the
simplified PBCs; the cyclic loading direction was parallel to the major axis of the ellipse.
The cyclic displacement amplitude corresponding to εa = 0.3% with load ratio Rε = −1
was applied to RVEs; the value of Vp varies in the range of 0.1-0.2 (corresponding to the
volume fraction of the carbide is from 10 to 20%). The shape ratio remains a constant
h/w = 4.
By using the least-squares method, the relation between ∆Γ and the volume fraction
(Vp ) is expressed as shown in Eq.(5.31):
∆Γ= 0.008exp(3.625Vp)−0.0008(Vp)−0.8875 (5.31)
The relation between ∆Γ and the ratio (Vp ) in Fig.5.17 shows that damage parameter
∆Γ increases the volume fraction of carbides (Vp ).
The relation between volume fraction and incubation lifetime is also shown in Fig.5.18.
It is clear that the number of cycles to fatigue crack incubation increases when the vol-
ume fraction of primary carbides is reduced.
Actually, the results obtained above are only satisfied with the case of RVE with one
elliptical shaped carbide because carbide volume fraction increases with increasing the
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Figure 5.18: Relationship between Vp and Ni nc in case of εa = 0.3%
carbide size; in reality, the carbide tenacity for fracture increases with its size. Antretter
et al. [162], using hierarchical modeling concept in order to investigate the influence of
carbide cluster arrangement on fracture probability in monotonic loading, investigated
that the stress distribution in carbides within areas of high carbide content was irregular
and independent on the cluster geometry, and in case of purely mechanical load, higher
volume fraction of carbide reduced the fracture probability of carbide. That means fur-
ther studies should be performed to take into account the role of carbide cluster in term
of changing volume fraction in case of cyclic loading, i.e. RVE contains clusters of car-
bides with the volume fraction varying.
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Figure 5.19: Effect of shape ratio on short crack life of forged M3:2 tool steel
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5.2.2. EFFECTS OF MICROSTRUCTURE ON SHORT CRACK LIFE
SHORT CRACK LAW FOR FORGED M3:2 TOOL STEEL
The short crack growth law for forged M3:2 tool steel in Eq.(5.22) was explicitly expressed
as a function of the shape ratio s = h/w , the volume fraction of carbides Vp together with
some LCF properties given in Tab.5.2; besides, the applied load is also εa = 0.3% (corre-
sponding to σa = 800MPa). The critical crack length of short crack growth is assumed to
be ∆a = 100− ai nc = 100−2.5 = 97.5µm. Note that the short crack law was established
in Eq.(5.22), including the assumption that the cyclic strain loading is in longitudinal
direction with the major axis of the short fiber; hence, the shape ratio is defined to be
s = h/w . In order to investigate the effects of the volume fraction of primary carbides Vp
and the shape ratio hw on the short crack growth rate, the other parameters were retained
constant.
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Figure 5.20: Effect of carbide volume fraction on short crack life of forged M3:2 tool steel
From Eq.(5.22), a number of cycles to short crack growth in forged M3:2 tool steel are
derived. The results show that when the shape ratio ( hw ) increases with increasing the
strengthening ratio F , causing shortened life of short crack; in contrast, lifetime of short
crack increases wi h decreasing hw , which is due to a decreasing in strengthening ratio
F , presented in Fig.5.19. Furthermore, the carbide volume fraction Vp decreases with
increasing the number of cycles to short crack in Fig.5.20, longer life time of short crack.
SHORT CRACK GROWTH FOR CAST M3:2 TOOL STEEL
The short crack growth in cast M3:2 tool steel performed in Eq.(5.25) was explicitly de-
scribed as a function of the shape ratio (s = h/w), the volume fraction of carbides Vp ,
the average grain size D¯p and some LCF properties given in Tab.5.2. The applied load
is εa = 0.3% (corresponding to σa = 800MPa). The critical crack length of short crack
growth is assumed to be ∆a = 100− ai nc = 100−2.5 = 97.5µm. Regarding to the effects
of the volume fraction of primary carbides Vp and the average grain size D¯p on the short
crack growth rate, the shape ratio s = h/w and other parameters were kept constants.
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Figure 5.21: Effect of carbide volume fraction on short crack life of cast M3:2 tool steel
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Figure 5.22: Effect of average grain size on short crack life of cast M3:2 tool steel
The relation between the short crack growth in cast M3:2 tool steel and the volume
fraction of carbides Vp is demonstrated in Fig.5.21. The results show that carbide volume
fraction Vp increases with reducing a number of cycles to short crack growth.
Additionally, it is concluded that the number of cycles to short crack growth de-
creases with increasing the size of the metal cells (see Fig.5.22). This phenomenon is
naturally a result of increasing the size of the F D Z , leading to increase the local crack
driving force. The strengthening ratio F (see Eq.(3.27)) increases with increasing the
crack growth rate (d a/d N )sc , causing shortened life of short crack; in contrast, lifetime
of short crack increases with decreasing an average grain size D¯p , because of a decreas-
ing in strengthening ratio F .
Picas [70] investigated the effects of microstructures on fatigue crack propagation in
tool steels, dividing two major region (i.e. microstructure-sensitive and microstructure-
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Figure 5.23: Effect of average grain size on fatigue crack growth in tool steels [70]
insensitive growth) in which fatigue crack growth changes its behavior, see Fig.5.23. In
this figure, the relationship between crack growth rate and stress intensity factor is per-
formed as a bi-linear curve in which T is a transition point at which crack growth rate
transfers from microstructure-sensitive to microstructure-insensitive region. ∆KT is the
threshold of stress intensity factor range of the transition stage. The transition stage de-
fined is that cyclic plastic zone diameter Dc is approximately equal to average grain size
D¯p . According to the author, when ∆K < ∆KT (i.e. Dc < D¯p due to plastic zone size
proportional to stress intensity factor), fatigue crack growth rate should decrease with
increasing the size of metal cells. This conclusion is in good agreement with the result of
the proposed model.
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5.3.1. TOTAL LIFE OF CARBIDE RICH TOOL STEEL
The total life of a component can be estimated by the summation of the fatigue crack
incubation, short crack growth and long crack growth, i.e.,
NT =Ni nc +Nsc +Nlc (5.32)
To estimate total life of a tool steel component, each lifetime of these stages should
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be determined as below,
INCUBATION
Incubation stage has been defined in Eq.(5.8), with the crack length ai nc = 0.625Dp , i.e.
crack originates from a cleaved carbide and grows very short length into the martensitic
matrix (sometimes called non-propagation stage).
Number of cycles to fatigue crack incubation was calculated based on the relation
between Fatemi-Scocie parameter and Manson-Coffin law, i.e.,
∆Γ= 0.56(2Ni nc )−0.407 (5.33)
18
3µ
m
Figure 5.24: RVE generated for forged HSS, SEM extracted from [163]
For example, an RVE model was generated by capturing image information from
SEM [163], illustrated in Fig.5.24. This picture reflects a typical microstructure of forged
tool steels as given in Tab.3.2. The mechanical properties of forged M3:2 tool steel were
then assigned for material components in the RVE. The boundary conditions of RVE
model were the simplified PBCs and the strain loading is applied in Y-axis (longitudinal
direction to the major axis of the carbide). Note that the boundary conditions in Fig.5.24
were the simplification of periodic boundary conditions from Jia [140], satisfying the pe-
riodic homogeneous theory; in which a cyclic displacement loading amplitude Uy,appl .
corresponding to remote strain amplitude (macro scale), εa = 0.3% and Rε =−1.
The Fatemi-Socie parameter, ∆Γ= γ
p∗
max
2
(
1+ σmaxnσyc
)
, was calculated over 3r d load cycle
in local plastic zone (see Fig.5.25). In this case ∆Γ = 0.0018. Solving of Eq.(5.33) and the
number of cycles to fatigue crack incubation of forged M3:2 tool steel was calculated to
be 2Ni nc = 1.33 ·106(cycles)
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Local plastic zone
Figure 5.25: Local plastic zone in RVE during FE analysis in case of εa = 0.3%
SHORT CRACK GROWTH
Short crack (MSC /PSC ) stage has been defined in Eq.(5.22) or Eq.(5.25) with the crack
length in the range of a = ai nc −100µm
( i) For forged M3:2 tool steel, the short crack law was determined to be
d a
d N
∣∣∣∣
sc
= (5.34)
0.317 ·pi2
48C 2ε
(
h
2w
·Vp +Vm
)2 (n′+1
n′
)
1(
σ′y
)3 1
(K ′)
1
n′
(
∆σ
2
) 3n′+1
n′
a
− 0.2848 ·10−12
( ii) For cast M3:2 tool steel, short crack propagation was calculated:
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d a
d N
∣∣∣∣
sc
= (5.35)
0.1213pi2
48C 2ε
(
1+ Ky
D¯1/2p σ
′
p,M
)2
·
[
Vp
2
·
(
h
w
+2
)
+Vm
]2
n′+1
n′
σ′y−3
(K ′)
1
n′
(
∆σ
2
) 3n′+1
n′ ·a
− 0.2864 ·10−12
LONG CRACK GROWTH
Long crack growth stage has been expressed by Eq.(5.27) with the crack length in the
range of a = as −a f = 100−1000µm, i.e.,
d a
d N
∣∣∣∣
lc
=
∆K 2−∆K 2th,l c
1
2piE
(
σ′y
)1− 1
β
[
4ε′ f
(
1+n′σ′y
)] 1
β
(5.36)
where the geometry function f
( a
d
)
is defined in Eq.(4.38) in which a is the crack length
(depth crack) and d is the cylindrical specimen diameter. The fatigue threshold for long
crack in this case estimated by ∆Kth,lc = 2σ′y,M
√
2Sp , in which σ′y,M is the cyclic yield
stress of metal matrix and Sp is the average distance between carbides as a function of
the average diameter Dp and the volume fraction Vp of the primary carbides.
a
Nf (cycles)
N
u
m
b
e
r 
o
f 
c
y
c
le
s
 t
o
 f
a
ilu
re
Stress amplitude-(MPa)
Nf      experiment [138]
Ninc  simulation model
Nsc   simulation model
Nlc    simulation model
NT    simulation model
1.0E+4
1.0E+7
1.0E+6
1.0E+5
1.0E+3
1000 1200 1400 1600800
Figure 5.26: Total lifetime of forged M3:2 tool steel from the proposed model and experimental data
cited [138]
Comparison results of the proposed model for total lifetime prediction in case of the
stress ratio Rε =−1 with those of fatigue experiment data from [138] for forged M3:2 tool
steel are shown in Fig.5.26 and Tab.5.4.
It should be noted that the material used in Brondsted’s and this present work have
the same chemical composition (see in Tab.5.5), but the manufacturing processes are
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Table 5.4: Comparable results of proposed model for total lifetime of forged M3:2 tool steel
σa (MPa) Ni nc (cycles) Nsc (cycles) Nl c (cycles) NT (cycles) N f ,expt (cycles)
800 2.5 ·106 1.05 ·107 4.0 ·103 1.4 ·107 4.0 ·107
1000 2.0 ·105 1.5 ·106 2.5 ·103 1.7 ·106 1.6 ·106
1200 2.0 ·104 3.0 ·105 1.8 ·103 3.2 ·105 4.0 ·105
1400 4.0 ·103 6.0 ·104 1.2 ·103 6.5 ·104 2.5 ·104
1600 8.0 ·102 1.8 ·104 1.05 ·103 1.9 ·104 2.0 ·103
Table 5.5: Nominal composition of the materials in [138]
Material C (%) Cr (%) Mn (%) Mo (%) W (%) V (%) Co (%)
ASP 23 1.27 4.2 - 5 6.4 3.1 8.5
different; however, in case lack of experimental fatigue properties of cast and forged
M3:2 tool steel published in the literature, it can be accepted that the results of proposed
model is appropriate for total life prediction because the average deviation is < 15%
received from Fig.5.26. Subsequently, the total lifetime of carbide-rich tool steel is the
summation of incubation life, short crack and long crack life.
As aforementioned, there are two cases which should be considered when using a
multi-scale model to calculate total life of tool steel components:
• (i) If the strain amplitude is in the range of εa = 0.3÷0.8% corresponding to remote
stress amplitude σa=800-1700 MPa, total lifetime is determined NT =Ni nc +Nsc +
Nlc ,
• (ii) outside this range, i.e. εa = 0.8÷1.0%, the total lifetime of this material is NT =
Nsc +Nlc .
Note that the lifetime of long crack stage Nlc occupies a small part in total life; it can be
neglected in order to simplify the application of the proposed model.
5.3.2. CRACK INITIATION LIFE OF CARBIDE RICH TOOL STEEL
In this section, a number of cycles to failure due to crack initiation (incubation plus short
crack stage) was to be predicted. For forged M3:2 tool steel, the lifetime of fatigue crack
initiation has been calculated by integrating the Eq.(5.8) and Eq.(4.35), i.e. incubation
and short crack life, which is expressed as,
NI = Ni nc |ai nc0 + Nsc |ascai nc (5.37)
where ai nc = 0.625Dp , with Dp being the average diameter of primary carbides, asc is
the short crack length, and Ni nc and Nsc are a number of cycles to failure in fatigue crack
incubation and short crack growth.
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Authors in [15, 18, 75, 164] pointed out that fatigue crack initiation of high strength
steel in the HCF regime with a crack length up to 100-500µm can take 90% to 98% of
total fatigue life. In order to verify the proposed model with experimental results, the
crack initiation Ni obtained experimentally in [138] was chosen to be 0.9N f . The results
of the comparison are shown in Tab.5.6 and Fig.5.27.
Table 5.6: Comparable results of proposed model for initial life of forged M3:2 tool steel
σa (MPa) Ni nc (cycles) Nsc (cycles) NI (cycles) NI ,expt (cycles)
900 8.0 ·105 4.0 ·106 4.8 ·106 6.0 ·106
1100 8.0 ·104 5.0 ·105 5.8 ·105 6.0 ·105
1300 6.0 ·103 1.2 ·105 1.26 ·105 8.0 ·104
1500 1.05 ·103 3.0 ·104 3.1 ·104 7.0 ·103
1700 4.0 ·102 1.0 ·104 1.04 ·104 1.0 ·103
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Figure 5.27: Initial lifetime of forged M3:2 tool steel from the proposed model and experimental data
cited [138]
From the comparison it can be recognized that the proposed model is reliable and
the initiation lifetime of carbide-rich tool steel is equal to the sum of lifetime of incuba-
tion and short crack growth.
However, there are also two cases which should be considered when calculating the
initial life of tool steel component:
• (i) if the strain amplitude is in the range of εa = 0.3÷ 0.8% (corresponding to re-
mote stress amplitude σa=800-1700 MPa), the initiation lifetime is determined to
be Ni =Ni nc +Nsc
• (ii) outside this range, crack incubation can be omitted and the life time of crack
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initiation can be calculated Ni = Nsc , which means only short crack growth is
dominating.
In summary, in this chapter the effects of microstrutural features on lifetime of carbide-
rich tool steel have been investigated. The simulation and analytical results based on
the multi-scale fatigue model were presented. The comparisons between experimental
as well as the literature data show that the proposed model is adequate for lifetime pre-
diction of carbide-rich tool steel. The multi-scale fatigue model can be used to predict
the lifetime of both cast and forged M3:2 tool steel.

6
CONCLUSIONS AND FUTURE WORK
6.1. CONCLUSIONS
6.1.1. OVERVIEW
So far there has been no systematical methodology to quantify fatigue damage mech-
anisms related to microstructural effects in tool steels. Actually, lifetime prediction in
tool steels is still mostly based on experimental work, which is quite expensive and time
consuming. Moreover, literature related to the analysis of the fatigue life of tool steels is
mostly based on the LEFM with or without explicit consideration of microstructure. This
method is not appropriate to predict the lifetime of a structure/component.
In this work, firstly the existing research is collected and an analysis of the fatigue
crack mechanisms in tool steels from fatigue crack formation (micro-scale) to the prop-
agation stage (macro-scale) is executed; secondly fatigue mechanisms are defined ac-
cording to different length scales in which the relation between each fatigue damage
stage and microstructural features as well as load ratios were analyzed; subsequently,
the procedures of the modification and implementation for the lifetime prediction of
tool steels are presented. A multi-scale model for the lifetime prediction of component
made of carbide-rich tool steel subjected to cyclic loading has been introduced, which
wholly expresses fatigue crack mechanisms not only in tool steels, but also in general
metal alloys.
The proposed model has been modified from the multi-stage fatigue model devel-
oped by McDowell; the driving forces for fatigue crack formation and propagation are
presented in the relation with microstructural features and load ratios. The results of the
proposed model are in good agreement with experimental data in literature related to
fatigue crack mechanisms in carbide-rich tool steel. Consequently, the proposed model
can be considered as a novel approach among existing methods. Furthermore, the pro-
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posed model might play an important role in lifetime prediction as well as in the devel-
opment of engineering design fatigue in tool steels.
Although the model is intended to be applied for lifetime prediction of carbide-rich
tool steel, it is noticed that these methods can also be applied to the study of fatigue
behavior in other alloy systems.
6.1.2. THE EFFECTS OF CARBIDES ON FATIGUE BEHAVIOR
1. The role of primary or eutectic carbides in carbide-rich tool steel on fatigue crack
incubation, short crack, and even long crack growth has been studied. The effects
of microstructural features such as volume fraction, shape and shape ratio on fa-
tigue crack incubation and crack propagation were explicitly demonstrated. The
volume fraction, size and closest neighbor distance of primary carbides strongly
affect the fatigue strength of the material. A higher volume fraction or larger car-
bide size along with a large carbide neighbor distance induces high local strain
concentration in of the martensitic matrix and result in a short lifetime of a tool
steel component.
2. For fatigue crack incubation (crack formation and early short crack growth), a sim-
ple framework has been outlined to estimate the lifetime of this stage in both cast
and forged M3:2 tool steels. Microstructural properties induce distributions of lo-
cal plastic deformation controlling fatigue crack formation. The role of primary
and eutectic carbides in crack formation was analyzed and the results show that
the key difference in incubation life of each type of material, which depends on the
heterogeneous microstructure. The Fatemi-Socie parameter ∆Γ (fatigue damage
indicator) is sensitive to shape, shape ratio, volume fraction, and the distribution
of primary carbides. An elliptical shaped carbide is easy to induce fatigue crack in-
cubation under cyclic loading, which is in contrast to monotonic loading in which
maximum stress is a major factor for crack formation. A circular shaped carbide
possesses the highest fatigue resistance since the plastic deformation around it is
lowest. For that reason, a lower aspect ratio of a carbide, leads to a higher fatigue
strength of the material.
3. Short crack laws of both cast and forged M3:2 tool steels have been established.
The fatigue driving forces, i.e. fatigue damage zone DF D Z , have been expressed as
functions of the microstructural features of carbides, load ratios, and fatigue prop-
erties. The strengthening factor F , also considered as the major factor of fatigue
driving force for short crack growth, strongly relates to the volume fraction, the
shape ratio, and the type of carbide distribution. A higher value of the strengthen-
ing factor F results in a larger size of the fatigue damage zone, which shortens the
lifetime of the short crack stage.
4. The long crack stage has been modified from an accumulative fatigue damage
model. The dependency of the long crack growth on the load ratio and microstruc-
tural features of carbides has also been estimated. This model should save time
and effort for fatigue experiments because the long crack growth rate was expressed
as a function of fatigue properties as well as load ratios.
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6.1.3. FATIGUE LIFE PREDICTION IN CARBIDE-RICH TOOL STEEL
1. A multi-scale model for the prediction of the fatigue behavior of HSS has been de-
veloped based on McDowell’s model. The total life is equal to the sum of the incu-
bation, short crack and long crack lives. The proposed model is in good agreement
with experimental data, proving it to be a reliable method for the prediction of the
fatigue life of carbide-rich tool steel. However, long crack growth occupies a small
part in total lifetime of carbide-rich tool steel. Therefore, it can be neglected when
this model will be implemented in designing fatigue resistant in tool steels.
2. This study is devoted to quantify fatigue crack initiation which encompasses fa-
tigue crack incubation and short crack growth as well as total life of tool steels in
HCF. The results showed that crack initiation explicitly depends on microstruc-
tural features of the heterogeneous material as well as load ratios.
3. A framework to calculate the lifetime of crack growth from nucleation to final fail-
ure has been presented. This model can also be used for prediction of the lifetime
of components or structures made from tool steels or metal alloys.
6.2. FUTURE WORK
1. Experimental evaluation: Lifetime prediction based on the proposed model should
be evaluated using parameters for fatigue crack incubation, short crack growth
and long crack law including fatigue properties and microstructural features by
running appropriate experiments. Furthermore, the proposed model should be
validated by comparing the results with fatigue experiment of cast and forged M3:2
tool steels.
2. Implication to variable amplitude loading: The main objective of the proposed
model is to investigate the effects of microstructural features of carbide-rich tool
steel on lifetime prediction for a constant load amplitude. In case of variable am-
plitude loading, however, the process of this model should consist of 4 following
steps: firstly, variable loading has to be divided into blocks which are constant
amplitude levels through the cycle counting method. Secondly, the S−N diagram
should be built with the proposed model for the total or initiation life. Set N f k be
number of cycles to failure corresponding to k th block of loading level, which is de-
fined from this curve with fully reverse cycle (R=-1), and then the stress amplitude
has to be adjusted for the case of mean stress σm 6= 0 with the Goodman equation.
Thirdly, fatigue damage parameter (The Fatemi-Socie parameter) over each block
might be determined and the number of cycles to failure corresponding to each
block can be estimated by the relation between the Fatemi-Socie parameter and
the Manson-Coffin law (nk ). Finally, the life time of component can be calculated
from Miner’s rule for cumulative fatigue damage B f ·
(
n1
N f 1
+ n2N f 2 + ..+
nk
N f k
)
= 1, and
by solving this equation it is possible to determine the number of cycles to failure,
i.e. total lifetime N f = 1B f .
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3. Alternative method: Models based on LEFM seem insufficient for a reliable fa-
tigue life prediction since these models assume that a pre-crack initially exists.
Literature shows that the fatigue crack formation needs time during the operation
time of a structure. For that reason, the total life of tool steels cannot only rely on
the propagation stage by using the LEFM method since it omits the crack initiation
stage. Based on the fatigue crack mechanisms of tool steels, a multi-stage fatigue
model is an appropriate approach. However, this model still seems to cost time
for the analytical model of crack growth stage. The proposed model in this thesis
might be replaced by an alternative one which will reduce the effort presented in
this work. For this objective, using computational tools for most lifetime predic-
tion stages will be the best approach because it may reduce time and costs for the
design and assessment of fatigue failure in a structure/component.
4. The combination of fatigue crack incubation and short crack growth: As afore-
mentioned, fatigue crack initiation life of a component is equal to sum of crack
incubation and short crack growth, up to a predefined crack length (in general
≤ 100−500µm). In theory as well as experimental observation, the initiation life
occupies about 90-98% in HCF [18]. For that reason, the prediction of fatigue crack
initiation is of great significance. Using computational tools reduces work for fa-
tigue prediction in tool steels. This can be done by using models based on the
reduction of the Young’s modulus of the matrix phase, i.e. the degradation of the
stiffness matrix or continuum damage mechanics (CDM) which might provide a
good solution to model and simulate fatigue propagation even in the range of crit-
ical crack length, 10-1000µm. The criterion for crack propagation of CDM is based
on the plastic strain criterion and the relation between the damage parameter in-
crement; the number of cycles to failure can be determined by using the simula-
tion process. Therefore, the model can be a good approach to predict the lifetime
of fatigue crack incubation and short crack growth in tool steels. Furthermore,
cracked carbides, non-metallic de-bonded inclusions as well as plastic deforma-
tion might be considered by the degradation of the stiffness matrix. Consequently,
the CDM method might be promising approach in which the combination of fa-
tigue crack incubation and short crack growth stages should be implemented by
simulation.
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